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Abstract

An investigation into the response of a novel sandwich panel under blast loading is pre-
sented. Thin-walled tubular members have been used extensively as energy absorbers
under impact conditions. The progressive folding mechanism induced by axial crushing
of the tubes allows for efficient dissipation of kinetic energy. The present study investi-
gates the use of such tubes as a sandwich core material. Several thin-walled tubes are
configured in parallel, between mild-steel face sheets. A programme of experimental, nu-
merical, and analytical investigations are conducted to characterise the energy absorption
properties of the sandwich structure under blast loading. Particular attention is given to
the influence of geometric panel variables on the global response to uniform blast load-
ing. It is anticipated that well designed panels will be able to efficiently dissipate large

amounts of kinetic energy.

Three primary panel layouts are identified, consisting of panels with four, five and nine
tubes within the core. The positioning of the tubes within the panel is defined by a single
parameter. The remaining panel design variables are identified as the tube thickness, tube
aspect ratio, and top plate thickness. To investigate the influence of material properties
on the response of the panels, annealed mild steel and 6063-T6 aluminium alloy tubes
are selected as the core material. A material characterisation study is conducted using
quasi-static techniques as well as a Split-Hopkinson Pressure Bar (SHPB) setup to obtain
material properties at high strain rates. The material properties obtained from the tests

are input into numerical and analytical models of the panels.

A series of experimental blast tests are conducted on the proposed panels. Panels with
four and five tubes of constant geometry in the core are constructed using the annealed
mild steel and aluminium tubes. Hemispherical indentation triggers are created in the
tube sidewalls at their midpoint. The panels are loaded using a square blast tube. A
disc of PE4 plastic explosive is detonated at one end of the blast tube while the other
end is exposed to the test panels. A ballistic pendulum is used to measure the impulse
transferred to the panel as a result of the blast load. The panels are subjected to varied

charge masses of explosive.

At smaller blast impulses, irregular buckling modes are observed for both the steel and
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aluminium tube core panels primarily due to poor trigger performance. For blasts which
utilise the full stroke of the tubes however, symmetric buckling modes are observed. In
all cases panel crush distance increases with increasing impulse and decreases with an
increasing number of tubes in the panel core. Further to this, at equal charge mass, the
aluminium tube cores show significantly higher crush distance than identical steel tube

panels.

Numerical analysis of the experiments, using the explicit-dynamic finite element code
ABAQUS/Explicit, agrees reasonably well with global panel response. Energy absorption
is primarily confined to the core tubes with only minimal plastic strains developing in
the top plate. For both core materials, the mean crush force, and hence capacity of the

panels is found to increase with increasing impulse.

A numerical parametric study is conducted to quantify the effect of geometric variables on
the performance of the panels. Buckling stability of the panel cores is highly dependent
on the positioning of the tubes within the panel, particularly when using a small number
of tubes. Energy absorption within the core increases with decreasing tube thickness,
provided core compaction does not occur. The aspect ratio of the tubes is observed to
have little influence on panel performance, however stability can be improved in some
cases with a small aspect ratio. Increased panel top plate thickness is found to minimise
instabilities in the panel core and increase the blast absorption capacity of the panels.
Further to this, the ability of the panels to dissipate energy from non-uniform blasts is

increased when increasing the top plate thickness.

Simple analytical formulae are derived for the tube based panels, as well as aluminium
foam based panels. The analytical model for the tube core panels agrees well with numer-
ical and experimental results. In general, the tube core panels perform favourably with
the foam core panels. Panels with higher density foam are found to be able to attenuate
the same blasts as tube based panels but use a smaller thickness and slightly less mass.
This is countered however, by significantly larger force levels transmitted to the structure
the panels are protecting. Further investigations are required to determine the validity

of foam core panels under blast loads.

The investigations presented in this thesis indicate that sandwich-type panels can be
used as an energy absorbing structure under blast loading. The efficiency of the panels
is highly dependent however, on the panel geometry and on the uniformity of the blast
load itself.

iv



Acknowledgements

The author wishes to express his gratitude to many of the staff of the Department of
Mechanical Engineering, at the University of Cape Town. In particular, the significant
time and effort put forth by the technical staff within the department. The author
wishes to thank Mr. G. Newins, and Mr. H. Emrich for their assistance in preparation
of the tubes and Mr. L. Watkins for creating the tensile test and Split-Hopkinson bar
specimens. Special thanks goes to Mr. H. Tomlinson for the countless hours he spent in
helping to construct the test panels. Thanks also go to Mrs. P. Park-Ross of the Centre

for Materials Engineering for her assistance with the tensile testing rig.

The author also wishes to thank all members of the Blast Impact and Survivability
Research Unit (BISRU) for all their assistance and support. Particular thanks go to
Mr. D. Bonochris and Ms. A. van der Westhuizen for sharing their expertise in material
modelling. Special thanks goes to Mr. T. Cloete for his assistance with many areas,

particularly with theoretical modelling.

Financial support of this work was provided by the Armaments Corporation of South
Africa (ARMSCOR) through direct funding, and through the University of Cape Town
Postgraduate Scholarship and the University of Cape Town Entrance Merit Scholarship.
The author wishes to thank these organisations for their continued support. Thanks also
go to the Department of Mechanical Engineering and the Department of Mathematics

for their financial support through lecturing and tutoring posts.

The author would like to thank Prof. G. Nurick, who supervised this thesis. Without
his guidance and knowledge, this work would not have been possible. The author wishes
to extend special thanks his parents David and Kathy, and his sister Amy for their
support over the years. Lastly, but certainly not least, the author wishes to extend his
warmest thanks to his other family, including Erin, Raymond, and Helen Goodchild.
Their encouragement during the authors time in South Africa has been essential in its

SUCCess.



Table of Contents

Declaration i
Abstract iii
Acknowledgements %
Table of Contents vi
List of Tables xi
List of Figures xiii
Nomenclature xxi
1 Introduction 1
1.1 Background . . . .. . ... . 1

1.2 Problem Definition . . . .. . . . .. ... 2

1.3 Thesis Outline . . . . . . . . . . ... 4

2 Literature Review 7
2.1 Crushing of Thin-Walled Tubes . . . . . . .. .. ... ... .. ..... 7
2.1.1 BucklingModes . . . . . . . ... L 8

2.1.2 Buckling Transition . . . . . .. ... .. ... .. ... 11

2.1.3 Material Properties and Geometric Imperfections . . . . . .. .. 13

2.1.4 Foam and Honeycomb Filled Sections . . . . . . ... ... .... 18

215 Blast Loading . . . . . . . ... 23

2.1.6 Analytical Models. . . . .. ... ... ... L. 24

2.1.7 Optimization . . . . .. . . . ... .. 29

2.2 Blast Loading of Plates and Sandwich Panels. . . . . .. .. .. ... .. 32
221 Blast Loading . . . . . . . .. . .. .. ... 32

2.2.2 Blast Loading of Sandwich Structures . . . . . . .. ... .. ... 33

2.2.3 Alternative Core Structures . . . . . . . . .. ... .. ...... 4]

2.2.4  Optimisation of Sandwich Structures . . . . . . .. .. .. .. .. 46

3 Material Characterisation ‘ 47
3.1 Introduction . . . . . .. ... ... 47
3.2 Quasi-Static Tensile Behaviour . . . . . . . . .. .. ... ... ...... 49
3.2.1 Test Apparatus . . . . . . . .. 49

3.2.2  Construction of True Stress vs. True Strain Curves . . . . .. .. 50

3.2.3 Quasi-Static Results . . . . .. .. .. ... ... ... .. 51

vii



5

3.3

3.3.1 Mass Scaling . . . . ..o
3.3.2 Simulation Results . . . . . ... .. ... L.
3.4 Dynamic Material Behaviour . . . . . . .. ..o 0000
3.4.1 Test Apparatus . . . . . . . ..
3.4.2 Calibration of the SHPB . . . . . . . ... ... ... . ....
3.4.3 SHPB Data Analysis . . . . . . . . . .. ... ... . ......
3.4.4 Dynamic Test Results . . . . . .. ... ... ... ... ....
3.5 Plasticity Model . . . . . . . .. .o
3.5.1 The Johnson-Cook Model . . . . . .. ... ... .. ......
3.5.2 The Cowper-Symonds Model . . . . . . .. .. ... ... ...
3.5.3 Alternative Constitutive Models . . . . . . . . ... .. ... ..
3.5.4 Modelling of Thermal Softening . . . . .. ... ... . .....
3.5.5 Model Parameters . . . . . .. . ... oo
Panel Design and Finite Element Model
4.1 Introduction . . . . . . . . . e
4.2 Panel Design . . . . . . . L
42,1 TubeDesign . . . . . . .. .. L o
4.3 Finite Element Model . . . . . . .. . .. ...
4.3.1 Element Selection . . . . . . . .. ... o o
4.3.2 PanelModel . . . . . . .. ... Lo
4.4 Blast Loading Model . . . . . . . . . . ..
4.4.1 Uniform Loading . . . . . . . .. .. ... L.
4.4.2 Non-Uniform Loading . . . . . ... ... ... . ... .....
4.5 Finite Element Convergence Study . . . . .. .. ... ... ... ...
4.6 Quantitative and Qualitative Analysis of Panel Behaviour . . . .. ..
4.6.1 Tube Efficiency Measures . . . . .. . ... ... ... .. ...
4.6.2 Panel Efficiency Measures . . . . . ... ... ... ... ...
4.6.3 Qualitative Measures . . . . . . . .. ...

Tensile Test Simulations . . . . . . . . . . . . . ...

Validation of the Numerical Model using Experimental Testing

5.1
5.2
5.3
5.4
5.5
5.6
5.7

Introduction . . . . . . . ..o
Test Programme . . . . . . . ... L
Panel Manufacture . . . . . . . . ... Lo
Tube Preparation . . . . . . . .. .. L oo
Finite Element Model of Experimental Panels . . . . . . ... .. DL
Quasi-Static Experiments . . . . . . .. .. ...
Blast Loading Experimental Procedures. . . . . .. . ... .. ... ..
57.1 PanelLoading . . . . . . . . . ...
5.7.2 The Ballistic Pendulum . . . . . . . .. ... o000



58 Blast Test Results . . . . . . . . . . . e 116

5.8.1 Impulse Measurements . . . . . . . .. . . ... . ... ... 116
5.8.2 Post-Test Panel Measurements . . . . . .. ... .. ... ..... 117
5.8.3 Quantitative Results . . . . ... ... . ... .. L L. 118
5.8.4 Qualitative Results . . . . .. .. ... ... ... .. 123
5.9 Finite Element Analysis of Experimental Tests . . . . . . .. . ... ... 129
5.9.1 Prediction of Panel Crush Distance . . . . . ... ... ... .. 129
5.9.2 Prediction of Buckling Behaviour . . . ... ... ... ... ... 130
5.9.3 Energy Absorption Properties of the Experimental Panels . . . . 131
5.9.4 Temperature Effects . . . .. ... .. .. ... ... .. .. ... 138
Analytical Modelling 141
6.1 Introduction . . . . . . . . . .. 141
6.2 Phase I: Application of Blast Load . . . . . .. . ... .. ... ... 141
6.2.1 Model Assumptions . . . . . . . . ... Lo 141
6.2.2 Finite Element Model . . . . . . ... .. .. ... 143
6.2.3 Elastic-Plastic Wave Propagation . . . . .. . ... . ... .... 143
6.2.4 Prediction of Peak Top Plate Velocity . . . . . . .. .. ... ... 146
6.3 Phase II: Panel Response . . . . . . . . .. ... ... ... .. .. 148
6.3.1 Mean Crushing Force . . . . . . . ... ... oL 150
6.3.2 Panel Capacity and Stroke Length . . . .. ... ... ... ... 152
6.4 Model Verification . . . . . . .. . 155
6.5 Panel Performance . . . . .. ... ... ..o 158
6.6 Theoretical Comparisons with Foam Core Panels . . . . .. . .. .. .. 163
6.6.1 Analytical Foam Model Under Blast Loading . . . . . . .. .. .. 163
6.6.2 Foam Core Response to Blast Loading . . . ... ... ... ... 170
6.6.3 Mass and Thickness Comparison of Tube and Foam Based Cores . 173
Design Studies 179
7.1 Parametric Study Outline . . . . . .. . ... ... L . 179
7.1.1 Design Variables . . . .. . ... 0000 179
7.1.2 Finite Element Model . . . . .. . ... .. ... .. 180
7.1.3 Parametric Study Formulation . . . . . . . . ... ... ... ... 181
7.2 Design Study Results . . . . . . .. . ... ... . o 183
7.2.1 Panel Layout . . . . ... ..o oo 183
7.2.2 Tube Geometry Effects . . . . . . . . . ... oo 191
7.2.3 Top Plate Geometry Effects . . . . . ... ... ... .. ... . 198
7.3 Non-Uniform Loading of Optimal Panels . . . . . . .. ... .. ... .. 201

ix



8 Conclusions 209

8.1 Material Characterisation of Tube Materials . . . . . .. ... ... ... 210

8.2 Panel Design and Performance Measurement . . . . . . . .. .. .. ... 210

8.3 Experimental Investigations . . . . .. .. .. ... ... .. ... ... 211

83.1 Blast Loading Rig. . . . . .. . ... ... ... 211

8.3.2 Experimental Results . . . . . ... ... ... ... ... ..... 211

8.4 Analytical Panel Modelling . . . . .. .. ... ... ... ... ...... 213
8.4.1 Analytical Predictions of the Influence of Design Parameters on

Panel Response . . . . . . . . . . . .. ... 213

8.4.2 Foam Core Panel Response to Blast Loading . . . . . ... .. .. 214

8.4.3 Comparison of Tube and Foam Core Panels . . . . .. ... ... 214

8.5 Numerical Modelling of Panel Response . . . . . . .. .. .. ... .... 216

85.1 TubeLayout. . .. .. ... ... ... ... 216

8.5.2 Tube Geometry Effects on Panel Performance . . . ... ... .. 216

8.5.3 Top Plate Geometry Effects on Panel Performance . .. . .. .. 217

8.5.4 Panel Response to Non-Uniform Loading . . . . .. ... .. ... 218

8.6 - Recommendations for Future Work . . . . .. . ... ... ... ..... 218

References . . . . . . . . 220



List of Tables

3.1
3.2
3.3
3.4
3.5
3.6

3.7

3.8

5.1

5.3

5.4

9.5

6.1

6.2

6.3

Chemical Composition of the steels used in thisstudy . . . . . . .. .
Chemical composition of the 6063-T6 aluminium used in this study
Tensile specimen dimensions. . . . . . . . . .. ... L.

Mass scaling schemes used in the convergence study of tensile simulations.

Calibration data and bar properties used in the SHPB experimental setup.

General material properties for all materials. . . . . . .. ... ... ...

Strain-rate hardening and thermal softening parameters for the tube ma-

terials. . . L L e

Johnson-Cook material constants for the top plate steel. . . . . . . . ..

Summary of panel and tube geometries investigated experimentally. . . .

Loading magnitudes in terms of the mass of PE4 detonated for each of the

core tube materials. . . . . . .. L L L

Comparison of quasi-static energy absorption parameters for experimental

and finite element analysis. . . . . . . . . ... ... L L.

Summary of experimental results and comparisons with finite element sim-

wations. . . . . L

Panel efficiencies obtained from the finite element simulations of experi-

mental tests. . . . . L L L

Validation of critical parameter formulas. . . . . . . . . .. ... ... .

Foam core properties and blast load properties used in the validation test

cases of the proposed aluminium foam model. . . . . . . . ... ... ..

Critical response parameters for the panels and loading conditions given
in Table 6.2. . . . . . . . .

xi

48
50
37

74

76
79

100

101

108

121

137

158

169

170



7.1

7.2

7.3

7.4

7.5

7.6

7.7

7.8

7.9

8.1

8.2

8.3

Plate design variables used in the parametric study. . . . . . .. .. ...

Tube design parameters corresponding to maximum, median, and mini-

mum stability under variation of \. . . . .. ... oo
Individual tube response for panel A as a functionof A\. . . . . . . .. ..
Individual tube response for panel B as a functionof A. . . . . . ... ..
Individual tube response for panel C as a functionof A. . . . . . . . . ..

Tube wall thickness effects on panel performance for the optimal values of
Ainpanels A, B,and C. . . . . . ..o

Tube aspect ratio effects on panel performance for the optimal values of A

inpanels A, B,and C. . . . . ... ... ...

Top plate thickness effects on panel performance for the optimal values of
Ainpanels A, B,and C. . . . . . .. L

Individual tube response for the panels investigated under non-uniform

blast loading. . . . . . . . ..o

Summary of performance measures for optimal values of A in the paramet-

ric study on tube layout. . . . . ... .o oL

Performance measures for the highest performing panels, in terms of core

efficiency, under simultaneous variation in tube geometric parameters. . .

Performance measures for the highest performing panels, in terms of core

efficiency, under variation in top plate thickness. . . . . . . . . ... ...

xii

180

184

189

189

190

196

197

200

202

216

217



List of Figures

1.1

2.1

2.2

2.3

2.4

2.5

2.6

2.7

2.8

2.9

2.10

2.11

2.12

Schematic of the proposed panel, illustrating the the energy absorbing

mechanism initiated by the blast load. . . . . . ... ... ...

The three primary modes of buckling. . . . . . . ... ... ... ... ..
Typical force-deformation curves under global and progressive buckling. .

Plastic wave speed effects on the stress state of circular and square tubes

and the effects of strain hardening on the plastic wave speed. . . . . . . .

Transition diagram from progressive to global bending under quasi-static

and dynamic loading for square tubes. . . . . . .. ...

Transition diagram for square tubes under different dynamic loading ve-

locities. . . . . .

Effects of annealing on the crushing behaviour of tubes under compression.

Influence of various triggers on the peak buckling load and buckling mode

of square steel tubes. . . . . . .. .. L Lo
Schematic of possible full and half dent triggers in square tubes. . . . . .

Typical aluminium foam material properties and the interaction effect of

foam filler on the crushing behaviour of square tubes. . . . . . . . .. ..

Photographs and force-displacement curves of mono-tubal and bitubal
square tubes with and without aluminium foam filler under progressive

buckling. . . . . . .

Photographs of a square aluminium tube with an attached mass before
and after blast. . . . . . . ...

Influence of explosive loading parameters on the duration of the initial
compression phase of square tubes and the resulting correction to existing

formulae for crush distance. . . . . . . . . . . ...

xiii

11

12

13

15

17

18

20

23



2.13

2.14

2.15

2.16
2.17

2.18

2.19
2.20

2.21

2.22

2.23

2.24

2.25

2.26

2.27

2.28

2.29

2.30

2.31

Two generic types of energy absorbing structures (type I and type II) and

corresponding idealized model of a type II structure. . . . . . .. .. ..

Schematic of the basic folding elements used in theoretical analysis of the

crushing of square tubes. . . . . . . .. .. ... L.

Examples of response surfaces in the optimization of cylindrical tubes un-

der dynamic loading. . . . . . . .. ..
Optimization of tapered cylindrical tubes. . . . . . .. . . ... ... ..
A typical pressure-time history on a structure under blast loading. . . . .

Schematic of foam based protective cladding and its effect on the pressure

distribution on the protected structure. . . . . . . . .. ... ... ...

Blast wave interaction with rigid panels and deformable foam core panels.

Schematics of a double layered foam cladding. . . . ... ... ... ...

Deformed shape of foam core sandwich panels under blast loading at var-

ious time Instances. . . . . . . . . .

Dependence of densification strain and pressure intensity on the transmit-

ted stress using cellular material. . . . . . . . . ... ..o

Photographs of honeycomb core after subjected to uniform and localised

blast loading. . . . . . . ..

Plot of non-dimensional energy partitioning between the face sheets and

the core for tetragonal truss and square honeycomb cores. . . . . . . . ..

Schematic and deformation modes of a web type layered cladding under

blast loading. . . . . . . ...

Photographs of layered web based cladding before and after blast loading.

Schematic of a mass-spring model for a unit cell of a web plating cladding

structure. . . . . . L e e e e e e

Plot of force transfer and energy absorption for a web plate sacrificial

cladding structure. . . . . . . . . .. L

Periodic cellular lattice structures and their deformation under quasi-static

loading. . . . . . . L
Energy absorption per unit mass of various lattice structures. . . . . . . .

Schematic of a corrugated sandwich panel under optimization and corre-

sponding design variables. . . . . ... ... 0. .

xiv

25

26

30
30

33

34
35

35

36

37

39

40

41

42

42

43

44

45



3.1
3.2
3.3

3.4

3.5

3.6

3.7
3.8
3.9
3.10
3.11
3.12
3.13

3.14

3.15

4.1

4.2

4.3
4.4

4.5

4.6

4.7

Schematic of tensile specimens. . . . . . . .. .. ... ... ...
Engineering stress-strain curves of the materials used in this study.
Idealised geometry of the fractured surface in the tensile specimen. . . . .

Finite element mesh of 1/8™ symmetry specimen model used in tensile

simulations. . . . . . . ...
Plot of results of the mass scaling convergence study. . . . . . . . .. ..

Simulated and experimental force-displacement curves for the initial and

final approximations of the post-UTS tensile behaviour. . . . . . . . L
Equivalent plastic strain localisation. . . . . .. ... ... .. ... ..
Final true stress-strain curves for the materials used in this study. . . . .
Schematic of the SHPB test apparatus used in this work. . . . . . . . ..
Voltage signals used in the calibration of the SHPB. . . . . . . .. .. ..
Schematic of the SHPB with stresses in the bar and specimen variables .
Dynamic stress-strain curves from SHPB tests. . . . . . . . . . . ... ..
Fitting of strain-rate sensitivity models to experimental data. . . . . . .

Comparison of material models with experimental data including temper-

ature effects. . . . . . L e

True stress-strain curves at various temperatures for the tube materials. .

Schematic of tube layouts used in the study. Dashed lines indicate where

symmetry is used in the FEM model. . . . . . .. .. ... ... ...

Schematic of the cross-section and longitudinal design of the tubes used in

the sandwich construction. . . . . . . .. ... .. ... ...
Panel models implemented in ABAQUS with circular hole imperfections.
Contour plot of a non-uniform pressure distribution on the top plate.

Variation of peak pressure as function of decay constant and radius of

uniform pressure. . . . ... .. Lo L.
Single tube finite element models for various mesh densities. . . . . . . .

Convergence study results. . . . . . . . . ... ... ... .. .

XV

49

52

53

o6

57

99

60

60

62

65

69

75

77

78

82

83

85

88

89

90

91



4.8

4.9

9.1

9.2

9.3

5.4

5.5
5.6
5.7
5.8

5.9

5.10
5.11

5.12

5.13

5.14

5.16

5.17

Graphical definitions of the individual tube performance measures used in
thisstudy. . . . . . . . . . 94

Tube crushing modes observed in numerical simulations. . . . . .. ... 96

Schematic of the bonding methodology between the core tubes and the top
and bottom plates. . . . . . . ... L 102

Photograph of the bonding between the tubes and the top and bottom plate.102
Photographs of typical aluminium tube panels after construction. . . . . 103

Schematic of the apparatus used to create the hemispherical indentations

inthetubewall. . . . . . . . . .. ... o 105
Indentation model implemented in ABAQUS. . .. ... ... ... ... 106
Panel model with indentations implemented in ABAQUS. . . . . ... .. 107

Plot of experimental and numerical quasi-static force-displacement curves. 109
Schematic of the blast tube used to direct the pressure load onto the panels.111

Photographs of explosive layout and the mounting of the blast tube on the
ballistic pendulum. . . . . . . .. ... L 112

Schematic of pendulum geometry. . . . . . . .. .. ... 114
Plot of impulse transferred to the panels as a function of explosive mass. 117

Mid-point crush distance as a function of applied impulse for all experi-

mental tests Cases. . . . ... . . e 119

Plot of experimental and finite element predictions of mid-point crush dis-

tance as a function of applied impulse. . . . . . ... ... ... ... 120

Experimental and numerical deformation of the core tubes for panel B
with steel tubes. . . . . . . . Lo 124

Experimental and numerical deformation of the core tubes for panel C
with steel tubes. . . . . . . .. L L 125

Experimental and numerical deformation of the core tubes for panel B

with aluminium tubes. . . . . . . 126

Experimental and numerical deformation of the core tubes for panel C

with aluminium tubes. . . . . . . 127

Plot of equivalent plastic strain distribution along the midline of the central
tube for selected tests. . . . . . . ... L 128

xvi




5.19

5.20

5.21

6.1

6.2

6.3

6.4

6.5

6.6

6.7

6.8

6.9

6.10

6.11

6.12

6.13

Plot of force-displacement and absorbed energy in the core and top plate

from finite element simulations of experiments on steel tube panels. . . . 132

Plot of force-displacement and absorbed energy in the core and top plate

from finite element simulations of experiments on aluminium tube panels. 133

Numerically computed mean crush force as a function of axial displacement

for experimental tests. . . . . . . ... L Lo Lo 134

Temperature distribution and influence of thermal softening on the energy

absorption properties of the proposed panels. . . . . . . . .. .. ... .. 139

Idealised bi-linear material model used in the modeling of panel response

during blast loading. . . . . . . .. . oo 142
Idealised model of the proposed panels in terms of stress wave propagation. 143

Plot of yield behaviour and impulse transfer during application of the blast
load. . . . . 146

Plot comparing the peak top plate velocity as a function of blast duration
forpanels A, Band C. . . . . . .. .. ..o 148

Contour plot showing the variation in the energy equivalent yield stress as

a function of tube geometry for the annealed mild steel used in this study. 151

Plot comparing analytically predicted crush distances with finite element

analysis and experiments. . . . . . . ... oo oo 156

Plot comparing analytical and finite element predictions for the test panels

used in the experimental tests. . . . . . . . . ... ... oL 157

Plots of impulse capacity as a function of tube aspect ratio and thickness
forpanels A, Byand C.. . . . . . . .. 159

Plots of impulse capacity as a function of tube thickness and top plate
thickness for panels A, B,and C. . . . . . . . ... .. ... ... .. 160

Plots of specific impulse capacity as a function of tube thickness and top

plate thickness for panels A, B,and C. . . . . . . .. . ... .. ..... 161
Schematic of the foam core panel investigated in this study. . . . . . .. 163
Plot of foam model verification. . . . . . . . .. .. ... ... .. 169

Plot of impulse capacity and specific irﬁpulse capacity as a function of foam

core panel design variables. . . . . . . . ... .o o L. 171

xVii



6.14

6.15

6.16

6.17

6.18

7.1

7.2

7.3

7.4

7.5

7.6

7.7

7.8

7.9

7.10

Plot of idealised reaction forces at the base of the tube and foam core

panels for an applied impulse of 40Ns. . . . . . . .. .. ...

Contour plots of low-density foam based panel thickness and mass required
to have the same impulse capacity as the tube based panel with the cor-

responding design parameters. . . . . . . . ... L.

Contour plots of high-density foam based panel thickness and mass re-
quired to have the same impulse capacity as the tube based panel with the

corresponding design parameters. . . . . . . ... ... ... ...

Plot of required foam core panel thickness and mass to tube core panel

thickness and mass to absorb the maximum tube core impulse. . . . . . .

Design space partitioning in terms of thickness and mass efficiency to the

response of the maximum impulse of the tube core panels. . . . . . . ..

Flowchart outlining the parametric design study procedure. . . . . . . ..

Plots of variation in core efficiency and stability as a function of the tube

place variable A. . . . . . ...

Contour plots of the equivalent plastic strain fields in the quarter symmetry
model of panel top plates, at different time increments, for optimal and

sub-optimal tube placements as defined in Table 7.2. . . . . .. ... ..

Partitioning of dissipated kinetic energy between the core tubes and the

top plate for different tube layouts. . . . . . ... .. ... L.

Axial view of panel cores with A values corresponding to the miminium,

median, and maximum performance for each panel layout. . . . . .. ..

Plots of core efficiency and the stability parameter as a function of A and
tube thickness h; for panel layouts A, B,and C. . . . . . . .. . ... ..

Plots of core efficiency and the stability parameter as a function of A and

tube aspect ratio K, for panel layouts A, B, and C. . . . . . . .. .. ..

Contour plots of core efficiency as a function of tube thickness and aspect

Plots of core efficiency and the stability parameter as a function of X and

top plate thickness h, for panel layouts A, B,and C. . . . . ... .. ..

Plot of non-uniform pressure distribution corresponding to decay parame-

ters m = 10, 20, 30, 40 using the relation given in Eq. 4.7. . . . . . . . ..

xXviil

172

174

175

176

177

182

183

185

187

188

192

193

195

199

203



7.11 Plots of variation in core efficiency and panel stability as a function of the

non-uniform loading decay parameter m. . . . . . .. ... ... ... .. 204

7.12 Axial view of panel cores with 2.0 mm and 4.0 mm thick top plates subject

to non-uniform loading. . . . . . . . . ... 205

7.13 Influence of top and bottom plate contact on the total reaction force at
the panel base. . . . . . . .. ... 206

xix



Nomenclature

Upper Case Symbols

A, B,n quasi-static material parameters used with the Johnson-Cook Model
panel top plate area
dynamic material parameter used with the Johnson-Cook Model
speed of sound in the SHPB
elastic wave speed of the tubes

plastic wave speed of the tubes

AP
C
Co
Ce
Chi
D,qg material parameters used with the Cowper-Symonds model
E Young’s modulus of a meterial

F reaction force at the proximal end of the tube

F,  mean crushing force

I Impulse

1, impulse transfer due to elastic wave propagation

I impulse transfer due to elastic-plastic wave propagation

. maximum impulse capacity a panel can be subjected to without compaction
Iy, impulse capacity per unit mass of a panel

KE kinetic energy in the panel at a given time instance

Kopom momentum based calibration factor for the SHPB

K stress calibration factor for the SHPB

K., theoretical calibration factor for the SHPB

M,  plastic collapse moment of the square tubes

My  mass of the top plate and densified foam in the foam core panel

M,  panel top plate mass

M,  total mass of the tubes in the panel

Fy peak pressure applied to the panel from blast loading

R tube aspect ratio

St.  stroke efficiency

T instantaneous material temperature

xx1



Tmer material melting temperature

Troom temperature at which the material flow stress become temperature dependent
U; plastically dissipated energy in tube ¢

U, displacement of the foam core top plate after application of the blast load
Ucore plastically dissipated energy in the panel core

Upiate Pplastically dissipated energy in the panel top plate

Vo panel top plate velocity after application of the blast load

"V maximum top plate velocity a panel can be have without compaction
velocity of the foam core top plate after application of the blast load

1 particle velocity in the tubes due to elastic-plastic wave propagation

=S

particle velocity in the tubes at initial yield

W external work applied to the panel through application of the blast load

Lower Case Symbols

Csp ~ material specific heat

hp panel top plate thickness
hy tube wall thickness

l length of tube in the panel

lmin  minimum foam core thickness required to absorb a given impulse without com-
paction

m temperature material parameter used with the Johnson-Cook Model

4 number of tubes in the panel

to pressure pulse duration from blast loading

t analytically predicted time at which panel deformation is maximised

te analytically predicted time at which panel compaction occurs

teo time at which foam core panel compaction occurs during application of the blast
load assuming t. < tg

tel time at which foam core panel compaction occurs occur after application of the
blast load assuming t.; < ty,

ty total time at initial yield

un  analytically predicted maximum panel crush distance assuming compaction does
not occur

W mean tube width

Greek Symbols
AL, extensometer displacement in tensile tests
d; crush distance for tube ¢

Omesn mean crush distance for the panel

xxii



Epl equivalent plastic strain

Epl equivalent plastic strain-rate

€5 reference strain-rate

E£f tensile failure strain

ED densification strain of aluminium foam
Epl true plastic strain from tensile tests

n inelastic heat fraction

A ratio of A; to Ay as shown in Fig. 4.1

A distance between the panel centre and the axis of the tube as shown in Fig. 4.1
A2 distance between the panel centre and corner of the top plate as shown in Fig. 4.1
v poisson ratio of the material

Or aluminium foam density

Pro aluminium foam parent material density
Pp panel top plate density
P tube material density

true stress in tensile tests

o) equivalent flow stress

0o plateau stress of aluminium foam

O characteristic flow stress of the tube material
Og dynamic flow stress

o static flow stress

Oeng  engineering stress in tensile tests

oy tensile failure stress

O instantaneous stress in the tubes

Eeore  core efficiency of the panel

Eerusn  crush force efficiency of the tube or panel
£aer  deformation efficiency of the tube or panel
Est stability parameter of the panel

£t total efficiency of the tube or panel

xx1ii



Chapter 1

Introduction

1.1 Background

The need to protect structures and vehicles from blasts is of increasing importance within
the current political climate of terrorist activity, and internal and external armed con-
flicts. In conflicts throughout the world, lives are endangered by explosions due to such
ordnances as Improvised Explosive Devices (IEDs) and landmines. Injuries and fatali-
ties can be minimised if the personnel subjected to explosions are protected within their

surrounding structure.

Of particular concern is the use of landmines within conflict scenarios. Landmines can be
classified into two general groups [1]. The first being anti-personnel mines (APM) which
are designed to be triggered by individuals. The results often kill or maim the victim. The
second classification of landmine is the anti-tank or anti-vehicle landmine (ATM/AVM)
which are designed to destroy or disable vehicles. The effect on the passengers of vehicles
subjected to anti-vehicle mines varies depending on the severity of the blast, the location
of the mine with respect to the vehicle, and of course on the protective measures used by
the vehicle itself.

Landmines have been used extensively in warfare since WWI [2], however the use of such
devices has continued into current conflicts. Most international treaties and agreements,
such as the Ottawa Convention, focus on the banning and removal of anti-personnel
mines due to the direct human cost from accidental tripping of the mines. The Landmine
Monitor Report [3] provides a thorough annual report on the worldwide status of their use.
Anti-tank mines are however, of considerable concern due to widespread use and superior
destructive power. For example, the Coalition war against the Taliban in Afghanistan
saw newly contaminated areas with anti-tank mines [4]. A cache of over 10,000 anti-tank

mines was discovered and destroyed in July, 2004 [4]. Even before the Coalition invasion
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of Afghanistan, it is reported that approximately 2 million anti-tank/anti-vehicle mines
are scattered about the country [2]. On the African continent, the Ugandan government’s
conflict with the rebel group known as the Lord’s Resistance Army has exemplified the
dangers of anti-tank mines. A significant number of the mines are recovered each year by
the Ugandan government, however many civilian and military deaths are reported due
to vehicles detonating anti-tank mines [4]. In many areas, such as northern Uganda, the
nature of the conflicts themselves makes determination of exact landmine contamination
impossible, however it is clearly a difficult problem with a potential for significant human

loss.

In an attempt to counter the destruction caused by anti-tank and anti-vehicle mines,
advances have been made in the protection of vehicles which are subjected to mine blasts
during standard operation. The pioneering blast protected vehicle was conceived in South
Africa in the 1970’s as a joint venture between Mechem and the CSIR, and is known as
the Casspir [5], which is currently manufactured by BAE Systems . The innovative design
of the Casspir uses a V-shaped hull to deflect the blast away from the vehicle midline,
towards the outside of the vehicle. The design has been so successful, that even the
most modern of blast resistant vehicles are still utilizing the V-shaped hull. The highly
successful Buffalo and Cougar vehicles [5], created by Force Protection Inc. utilise the V-
shaped hull and are widely used by American forces in Iraq. Despite the past and current
success of V-shaped hulls for blast protection, the design does have significant drawbacks
which are discussed in the next section. It is therefore necessary to continually improve
upon existing designs to increase passenger safety and maximise operational performance

of the vehicles which are exposed to blasts.

1.2 Problem Definition

Due to the limitations and difficulties posed by current landmine protection systems, new
research is required to investigate possible alternatives. The commonly used V-shaped
hull deflects the mine blast away of the vehicle cabin and hence the passengers. The
amount of deflection capable using such a hull is increased when narrowing the shape of
the V. This has the undesirable effect of reducing ground clearance and increasing the
hull mass. Due to the varied terrain mine protected vehicles are exposed to, it is clear
that such restrictions can significantly impede mobility. Studies have been conducted to
improve the currently existing design [6,7], however the work of this thesis is devoted to

exploring and alternative protection system.

An alternative methodology for the protective structure of vehicle hulls exposed to land-

mine blasts is to use a flat, energy absorbing panel, with a minimum of thickness in order
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to maximise ground clearance. In addition to ground clearance, a flat solution lowers
the centre of gravity of the vehicle, reducing the chance of the vehicle toppling. The
protective structure must however, have sufficient energy absorbing capacity to dissipate
the kinetic energy induced by blast loads. If the panel is loaded beyond its capacity,
localised protection of the vehicle may be compromised. This must also work in tandem
with the requirement that the forces transmitted to the protected structure be controlled

and do not exceed certain threshholds.

As will be discussed in detail in section 2.1, thin-walled square tubes can absorb significant
energy when crushed in the axial direction. A recent study has extended this idea into
blast loading of square tubes [8]. This thesis furthers this by proposing the idea of
sandwiching multiple tubes between metal plates. Fig. 1.1 illustrates the philosophy of
the proposed panels.

Blast pressure ()
VYT YIIIIII IV IYIIIIIIIY — o

plate

Tubes | 1

— £3 £33
e N P ———

Figure 1.1: Schematic of the proposed panel, illustrating the the energy absorbing mech-
anism initiated by the blast load.

The research reported in this thesis investigates the following problems:
1. Characterization of small scale thin-walled tube materials at low and high rates of
strain
2. Construction methodologies of tube core panels
3. Performance and stability of tube core panels subjected to actual blast loads
4. Modelling of the proposed panels and blast loads
5. Influence of tube and top plate geometry on the global response of the pax_lels

6. Determination of accurate design formulae for the blast loading capacity of the

proposed panels

7. Comparative analysis with existing sandwich panel materials
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To address the problems described above, a programme of experimental, numerical and
analytical investigations is undertaken. In an attempt to solve the problems identified
with the proposed sandwich panels under blast loading, the following is included within

the scope of the research:

e Material characterization of annealed mild steel and 6063-T6 aluminium alloy tubes,
and hot rolled mild steel plates, using quasi-static and dynamic testing equipment,

coupled with finite element analysis of tensile tests

e Blast testing on selected test panels, with top plate dimensions 150 mm x 150 mm,
using the ballistic pendulum at the Blast Impact and Survivability Research Unit
(BISRU), University of Cape Town

o Development of numerical models of the panels under blast loading using the
ABAQUS/Explicit nonlinear finite element software

e Numerical parametric study

e Development of simple analytical formulae, for the proposed panels and for alu-
minium foam core panels to predict critical blast loads for a given panel configura-

tion

It must be stressed that the research presented in this thesis is kept as general as possible.
Although the work was initially commissioned with improvements to landmine protection
technology as the primary focus, the research and subsequent results are applicable to

the general field of cladding design under blast loading.

1.3 Thesis Outline

This thesis has the following plan of development:

e Literature Review

— Review of the relevant literature on the crushing use square tubular elements.

— Review of the relevant literature on energy absorbing sandwich structures,

particularly under blast loading.
e Material Characterisation

— Material testing of the panel materials at quasi-static and dynamic strain-rates.
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~ Identification of constitutive material parameters for use in finite element anal-

ysis.
e Numerical Modelling

— Identification of panel design parameters.
— Development of a finite element model of the panels.

— Identification of measures to quantify the performance of the numerically mod-

elled panels.
e Experimental Investigations

— Qutline of panel construction.
— Development of a blast loading rig.

- Details of blast test results and numerical modelling of the experiments.
e Analytical Modelling

— Development of design formulas to predict the proposed panel response under
blast loading.

— Development of design formulas to predict aluminium foam core response un-

der blast loading.

— Comparative analysis of the proposed panels with aluminium foam core panels.
e Design Studies

— Qutline of a numerical parametric design study of panel response to variation

of panel design variables.

— Details of parametric study study results and identification of panel design

variables which influence the response.

# Conclusion and Recommendations

e References



Chapter 2

Literature Review

2.1 Crushing of Thin-Walled Tubes

The literature relating to the axial crushing of thin-walled tubular structures is extensive.
Over the past several decades researchers have studied the energy absorption properties
of circular and square tubes under quasi-static and dynamic loading conditions. These
studies include experimental, theoretical, and computational investigations. This chapter
attempts to give an overview of these studies and describe the state-of-the-art in the field
of tube crushing as energy absorbers. Particular attention is given to dynamic loading of

metallic square tubes.

The significant interest in the energy absorption properties of thin-walled stems primarily
from the transportation industry. In crash and impact scenarios, kinetic energy must be
dissipated to maintain structural integrity and hence ensure passenger safety. As will
be discussed in this chapter, tubular structures are desirable for these purposes. An
ideal energy absorber is one where the stroke length, in this case, the crush distance, is
maximized while maintaining nearly constant force levels. Under most circumstances,

thin walled metallic tubes display these qualities.

The pioneering work in this field is traced back to Pugsley and Macauley [9] and Alexan-
der [10]. Since these works were published significant progress has been made in char-
acterising the crushing process in thin walled tubes. Recent literature review papers on
the behaviour of energy absorbing devices have been published by Alghamdi [11], and
Jones [12].
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2.1.1 DBuckling Modes

LE RTINS CONQUCTHT an .]'li'l'l—‘[';"."! & A10es ave TeR1Te i!’l 1rea '!II’ET‘!'IH.I"‘.' MICEITT
Ex) t Jucted on t lled tubes h lted in theee | v buckling

muoeles, The modes are:

1. Luler {alobal huekling
2. Propgressive buckling
4. Drvnamie plastic buckling

The mode in which a tube buckles is an active area of research and depends on a number

of factors zuch a2 cross-sectional seometry, tube lensth, material properties and loading.

(b {c)

Ficure 2.1 (a) Photesraph of a sguare alnminien Gube onder Euler buekling, [13] (b)
Photograph of asguare aluminiun Dube mder progeessive bucsling. 13 (e) Photograph
of evlindrical alnirien tube noder dsuamic plastic buckling. [14|

2.1.1.1  Eualer Buckling

Fauler. or global buckling is characterized by the formation of a stngle plastic hinge in the
tube. As the tube continues to collapse. the tube folds over on itself. Global buckling
of 8 square alupinium tube i shown in ghe photograph of Fig. 2.1 130 The foree-
deflection encve of Ltube which buckles globally will have a form simtlar to that shown
in Fig. 2.2a [13]. Sinee the dissipated enerey is Uhe arca nunder this enrve, vhis buckling

made is hishly undesirable,
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Figure 2.2: (a) Plot of a typical force-deflection curve for a tube under Euler buckling.
[13]. (b) Plot of a typical force-deflection curve for a tube under progressive buckling. [13]

2.1.1.2 Progressive Buckling

Unlike global buckling, progressive buckling is characterised by a sequence of localised
folding events. If a quasi-static or dynamic load is applied to a tube member such that
the tube yields, its load carrying capacity decreases (Fig. 2.2a) [13]. Under progressive
buckling, the load decreases to a local minimum and then begins to increase again until
the creation of another fold. This process may repeat while the load oscillates about
the mean buckling load as shown by the example in Fig. 2.2b [13]. An example of the
resulting crushing pattern from such a load-deflection curve is given in Fig. 2.1b. Each
pair of peaks and valleys of the force deflection curve is associated with a lobe in the
crumpled tube. The size and number of lobes formed is primarily a function of the tube
geometry. Comprehensive theoretical descriptions of the crumpling process have been
published by Jones [14], Johnson et al. [15], and Wierzbicki and Abramowicz [16].

Lobe formation under progressive buckling can be classified into several modes. Jones
[14] has identified two crush modes for circular tubes. The first is an axisymmetric,
or concertina mode where ring shaped lobes form down the length of the tube. The
second mode is the non-axisymmetric diamond mode. Theoretical methods have shown
that thicker tubes (r/h < 40 — 45, where r and h are the tube radius and thickness

respectively) deform axisymmetrically, while thinner tubes buckle in diamond mode.

Of more relevant interest to the present work is the deformation modes of square tubes.
Abramowicz and Jones [17] theoretically predicted four crush modes and confirmed this

behaviour experimentally. The modes are described as

1. Symmetric mode. Square tubes crushing in this mode deform in one of three

ways within each layer and each layer deforms similarly along the length of the
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tube. Firstly, two opposite lobes move outward, while the other two move inward.
Secondly, three lobes can move inward while the other moves outward. Finally, all

lobes within a layer can move inward.

2. Asymmetric mixed collapse mode A. In this crushing mode, the tube buckles
with a combination of symmetric layers and layers with three lobes moving outwards

and one inwards.

3. Asymmetric mixed collapse mode B. In this crushing mode, the tube buckles
with a combination of symmetric layers and layers with two adjacent lobes deform-

ing outwards and the other two lobes deforming inwards.

4. Extensional mode. In this mode, all lobes within a layer move outward.

2.1.1.3 Dynamic Plastic Buckling

When a tube is subject to quasi-static loading, longitudinal and radial inertia effects
are insignificant in the buckling process. Under certain high-velocity loading conditions,
dynamic plastic buckling may occur instead of dynamic progressive buckling. Dynamic
plastic buckling is characterized by an initial wrinkling with sustained plastic flow along
the tube length as shown in Fig. 2.1c [12]. Until recently, the perception among re-
searchers was that dynamic plastic buckling is a phenomenon associated only with high
velocity impacts. Karagiozova [18] has disproved this however, and found that sustained

axial plastic flow can occur at lower velocities for high density, ductile materials.

Karagiozova and Jones [19] developed a discrete model to numerically investigate stress
wave propagation effects on dynamic buckling in cylindrical tubes. These same authors,
in another study [20] on the influence of stress waves found that cylindrical shells made
of strain-rate sensitive material will undergo dynamic progressive buckling, due to initial
strain localisation, under high velocity impact. For rate insensitive materials, the develop-
ment of dynamic plastic buckling is governed by the inertia properties of the cylindrical
shell. Karagiozova and Jones [21] and Karagiozova et al. [22] investigated further the
dynamic effects on elastic-plastic buckling in cylindrical tubes and found the initiation
of dynamic plastic buckling to be highly sensitive to loading parameters and material
properties, particularly the hardening modulus. The influence of axial and lateral inertia
effects in the dynamic buckling of square tubes was examined by Karagiozova [23], and
Karagiozova and Jones [24]. The authors found that geometrically equivaient circular
and square tubes under the same loading may show different buckling behaviour. Faster
axial plastic stress wave propagation in the square tubes resulted in dynamic plastic
buckling whereas the equivalent circular tube buckles progressively. The dependence of

plastic wave speeds on the stress state for square and circular tubes is given in Figs.2.3a
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and 2.3b respectively. Figure 2.3c gives the variation in plastic wave speed for different
hardening ratios. Other works of note are from Karagiozova and Jones [25] where the
authors investigated the phenomenon using a multi-degree of freedom spring mass model.
Although not directly related to dynamic buckling of tubes, Harrigan et al. [26] examined

inertia effects on tube inversion and the dynamic crushing of aluminium honeycomb.

0 T ' 7 T 1
000 001 002 003 004 008
hardening ratio,

Gyx/Go 6/

(a) (b) {c)

Figure 2.3: (a) Example of a stress state variation for a square tube. (b) Example of
a stress state variation for a circular tube. (c) Plot of variation in plastic wave speed
between square and circular tubes as a function of the hardening ratio. [24]

2.1.2 Buckling Transition

For any energy absorbing protective structure, ensuring the ideal collapse mode is im-
portant. In the context of tube crushing, this implies understanding why tubes buckle
globally instead of progressively. The transition from global to progressive buckling mode
under static and dynamic loading is an active area of research. The first dedicated study
on this subject appears to be from Andrews ef al. [27]. In this study, the authors con-
structed a classification chart, using experimental tests that describes the relationship
between tube length and thickness to the bucking modes for cylindrical aluminium tubes
described in the previous section. They found that Euler buckling was more likely to
occur in thick tubes with large slenderness ratios. Korneck [28] investigated the effect
of square tube dimensions on buckling mode and found similar results to Andrews et
al [27]. This transition was studied Abramowicz and Jones [29] for circular and square
steel tubes with various cross sections and lengths. This study found significantly lower
critical lengths for thick cylindrical tubes than the results of Andrews et al. {27]. This
may be due however, to the difference in strain-hardening of the steel (as opposed to
aluminium) used in Abramowicz and Jones [29]. The transition classification diagram for
square tubes under quasi-static and dynamic loading, determined by this study is given

in Figs. 2.4a and Figs. 2.4b respectively. In this figure, Eq. (29) refers to an empirically
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Figure 2.4: [ progressive buckling; () transition from progressive collapse to global
bending; V global bending. (a) Buckling mode maps under quasi-static loading. (b)
Buckling mode maps under dynamic loading. [29]

derived formula for the critical length under dynamic loading and is given here by

(£> - 2.435¢(005%) (2.1)

C
where L and C are the length and width of the tube respectively, and ¢ is the wall thickness
of the tube. In general the value of (é—)cr which marks the transition from progressive to
global buckling for a given thickness was found to be larger under dynamic loading than
for quasi-static loading. Abramowicz and Jones [29] also found a third distinct mode
under dynamic loading whereby the the tube would begin to buckle progressively and

then revert to global bucking or vice versa.

Jensen et al. [13,30] studied buckling transition in square aluminium tubes for various
cross sections and impact velocities. The collapse modes for various aspect ratios with
impact velocities of 13 m/s and 20 m/s are given in Figs. 2.5a and 2.5b respectively. It
must be noted that Jensen et al. [13,30] define the tube width as b and the thickness
as h which is not consistent with Abramowicz and Jones [29]. The results clearly show
a large dependence on impact velocity. At quasi-static and impact velocities up to 13
m/s the critical global slenderness (L/b) was found to be an increasing function of the
cross-sectional slenderness (b/h). The same function was found to be decreasing however

for for impact velocities of 20 m/s.

This behaviour was further confirmed experimentally and numerically by Karagiozova and
Alves [31]. This study also highlighted the importance of material properties, particularly
strain hardening, coupled with inertia effects when characterising buckling' transition.
The authors found that materials with high yield stress and low strain hardening perform
better than materials with a low yield stress and high strain hardening. This also implies
however that using a single, averaged yield stress in theoretical analysis may not be

suitable. Karagiozova and Alves [32] also conducted a theoretical analysis of buckling
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Figure 2.5: (a) Buckling classification diagram with an impact velocity of 13 m/s. (b)
Buckling classification diagram with an impact velocity of 20 m/s. [13]

transition as a follow on study.

Kim et al. [33] examined the effects of varying the cross section for aluminium extruded
tubes. Although the focus of the study was not the transition from progressive to global
buckling, the authors found that smaller thickness to width ratios led to a progressive
mode. The number of folds decreased with increased thickness which caused global
buckling to occur. This study, along with Kim and Lee [34] also found that symmetric
folds tended to occur in the thicker specimens as opposed to asymmetric folds in the
thinner tubes. Guillow et al. [35] studied buckling transition for 6060 — 75 aluminium
circular tubes including the construction of a mode classification diagram in terms of
diameter to thickness ratio and length to diameter ratio. The diagram is not shown for
the sake of brevity. Also of limited interest, is the study conducted by Teramota and

Alves [36] in which the buckling transition of axially impacted open shells is investigated.

2.1.3 Material Properties and Geometric Imperfections

2.1.3.1 Annealing

As discussed in the previous sections, material properties such as yield and strain hard-
ening can have significant influence on the dynamic buckling properties of metallic tubes.
The process of annealing involves subjecting the metal to large temperatures for an spec-
ified period of time to increase ductility and remove residual stresses. The influence of
this process has received limited attention in the literature. Gupta and Gupta [37] and
Gupta [38,39] reported effects of annealing for aluminium and mild steel circular tubes.
The authors found that for aluminium tubes of diameter to thickness ratios (D/t) be-

tween 10 and 40, the work hardened as-received tubes folded in diamond mode whereas
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the annealed inbes deformed sxisvmnd rieaZlv, Sieel tibes, oo ihe ilier hand deformed
M an axisvmmeitie mode in ihoir ss-received state and in diamond mode when annealed

as shown in Fig. 260
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Figure 2.6 (a) Plot of finee defrmation enrve [or a cireular steel tabe, post and pre
annealing. [37] (b) Collapse modes for a cirenlar stecl Lube, post and pre {froin lelt To
right} anmealing, (37 (¢} Fragmentaiion mode of o ntitle wetal fnbe [40]

The ehanee in microstrueture from the annealing process influences more than st the
huckling shape. Che foreedisplacenient curve, and iherefore the enerpgy absorption in
the tubes iy highly modified as shown in Fig. 260 Fartber to ths, brittle wetals may
b wibject io fraciure and petalling under some loading conditions. Fig, 2.6¢ plves an
cxample of 4 petaled tube made from a brittle metal. This fearing 15 ol inereasing concern

il the tube 18 already damaged or has dueed imperfeciions.

2.1.3.2 Geometric Imperfections

Examuinalion of the forge-displacement dingram for a tube under axial compression (o
Fig. 2.2 clearly shows that the foree required to ereate the frst lobe is nmch hipher
than [or subseqguend lobes in most cases, If this foree is too large 1n a praciical protection
syatetr, the clastie limit of the protected structure may be compromised. Purthor to $his,
{hese larse peaks also imply large decelerations whick may enler unsafe linits, Ideally,

{he deceleration is a constant fanction of {ine throaghont $he stroke,

In order to overcomw Lhese large peak forees, *he tubes bave an indueed fmperfection.
often called atrigper, built into the siruciure. These triggers are most often indentat ions,
arooves, or circwlar cut-outs placed in the shell wall. Indiueed perfections zot only
Lave the effeot of lowering the initial peak force. but also influencing the buckiing mode,
Firstlv, the formaiion of the the first lobe tends to follow the shape of inifial indentations
[41-43 . Cireular cutouts allow for the adjinstinent of the effective dimensions of the Lube
[37, 1,43, 44]. The invesiigations of these researchers have shown that the approprisie
mnelusion of imperfections can lead to oroegressive mekling where Fuler buckling wouled

ocoilr in the hon-irigzered tube,
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Clne wethod of introducing e geametric impertection i a Lube is Wo guasi-statically pre-
buckle the tabe, Langserh ot ol [42] performed a zevies of experimoents an pre-bnekled
fubes, 1o this sty the author investigated square tubes of lewsth 80 mm with wall
thickoesses of L8 2.3 mm. As expected, 1he peak load was found o be reduced by

ineluding a pre-towkle with the amplitude of the pre-buckle controlling this reduction.
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Flgure 2.7: (a) Plot of peak buckiing load ns a funetion of dent depth for waricus eviindri-
cal paralel indenters and for hemnispherical indenters. (b) Photographs of buckling rode
shapes resulting from hemispherical indentacions of varions depthe. () Plot ol peak
Iackling load as function ol hole dinmeser for cirenlar entous trigeers, (d) Photosraphs
of buckling mode shapes vesulting from cirauar entout triggers, [41]

Similar to pre-buckling, the nse of opposing indentutions can reduce the peak load and
prove buckling behaviour. Marshall and Nusdek 11 and Marshall [45 investigated such
imperlections under gquasi-static loading, In Marshall and Nurick 11| epposing parallel
indentations ereatid using evlindrical indenters, The tubes exarnined in the study were
BULE mn wide and 300 mm with a thickness of 1.2 mm. The evlindrical indenters had
eliatmezers ranging fromn 2 mm - 50 mm. The indentation depth ranzeed from 3 mun - 132
st The authers foured that that diameter of the indenter did not significant’v influetce
the ultitase buekling load. The ultimate bucking load did decrease with increasing
indentation depth as shown in Fis, 27a. Furcher to $his reduetion in buckling load is
tne elfect o lobe size. The size of the first lobe was found to inerease with inereasing
indentation depth. This trend can be ssen in ¥lg 2,70, Dished indentations ereated using

a hemispherical indentor were alse investigated n this study. The reduetion in huckling
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load was found to be less profound than for the parallel indentations. As with parallel
indentations, the size of the first lobe increased with increasing dent depth, however
the effect was more pronounced due to opposite sides of the tubes coming in contact.
Fig. 2.7b shows the resulting buckling modes for tubes with hemispherical indenters at
various indentation depth. It is clear from the figure that buckling stability is reduced

with increasing indentation depth.

In the same study, the use of opposing holes was investigated. Several tests were per-
formed with hole sizes ranging from 16 mm - 38 mm. Significant reduction in peak
buckling load was observed with increasing hole size as shown in Fig. 2.7c. Linear regres-
sion revealed that for the given tubes, hole sizes less than 10.5 mm would not influence
the peak buckling load. The size of the first lobe was found to decrease with increasing
hole size. At larger hole sizes, the buckling became skew with tearing occurring in some
specimens. Fig. 2.7b shows this result. Nannuci et al. [46] numerically modelled the
tests of Marshall and Nurick {45] and obtained reasonable correlation with experiments.
Gupta and Gupta [37] also investigated the influence of circular holes, however using
circular tubes. In this study, single pairs of opposite holes are studied as well as two
and three pairs of opposing holes. Further to this, the use of 3 and 4 opposing holes in
a cross-sectional plane is investigated. In general, the authors found that deformation
began at the holes and that the length where Euler buckling occurs is increased with the

inclusion of holes.

Surko [43] studied the influence of circular holes on the buckling strength of box columns.
The tubes under question had dimension 140 mm x 140 mm with a thickness of approxi-
mately 1.6 mm. This study, along with Meng et al. {47], utilized von Karman'’s postulate
of effective plate width to calculate the buckling load of square tubes. The von Karmann

effective width of structural plating is given by Surko [43] as

he = 1.9t4 g— (2.2)
Oy

where t is the plate thickness, E is the Young’s modulus, an oy is the yield stress of plate

material. This implies that if the circular hole diameter ¢ is smaller than
6<C—he (2.3)

where (' is the outer tube width, then the hole will have no effect on the buckling

characteristics of the tube. Marshall and Nurick [41] gives a more general form of the
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effective plate width as

B 2t g

e = ——
V120 =)\ oy

where p is the poisson ratio, E is the elastic modulus and oy is the initial yield stress.

(2.4)

With a poisson ratio of u = 0.3, Eq. (2.4) reduces to Eq. (2.2). For the tube dimensions
and material used in Marshall and Nurick [41], the effective tube width exceeds the
actual tube width implying that a hole of any diameter will reduce the buckling load.
The authors found however, experimentally, holes of diameter less than 10.5 mm showed
no appreciable decrease in buckling load. The authors contribute this discrepéncy to the

extra loading bearing capacity of the tube edges.

Lee et al. [48] numerically and experimentally investigated the effect of trigger dents
on the quasi-static energy absorption of square tubes. The authors examined various
configurations of full-dent and half-dent triggers as shown in Fig. 2.8. The tubes are
constructed of aluminium and have a length of 300 mm with a width of 50 mm and a
thickness of 2 mm. Computer simulations and compressive tests correlated well. The
results showed that dents located at the pre-determined folding sites, energy absorption
was improved. Global bending occurred however if the triggers were placed independently
of the folding location. The use of half-dent indenters resulted in the same number of
folds as the full-dented tubes, however force levels were higher which increased the total

energy absorption.

iy

‘Z/@

2
e
=
;

4

J

(a) (b)

Figure 2.8: Schematics of full dent (a) and half dent triggers (b) in square tubes as
investigated by Lee et al. [48].
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2.1.4 Foam and loneycomb Filled Scctions

As will be shown in section 6.6, the energy absorphion properties of alnmininm [oam are
of significant interest In the present study. Alumaninm foam 1= an aliraclive caotce for
an absorber due to the high mass efficieney and comprossion eaaracberistios. Specilically,
the foams show the cnarseteriztios of an ideal absorber o Laar the compressive [oree is
neatrly constant throughout the crushing process. A dypies] [orce-displacement. curve [or

alumininm foam s given i Fig. 2.9a [49]. As ean be seen [romn B, 2.9, coder ani-axial
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Figure 2.9; (a) Plot of typical alumirium foam materiai properties, |50] (b) Plot of
Lypical interaction elecis of alumitium foam filied tubes, [51

compression, alumivinm foams nave a distinet platean of nearly coustact stress oy, up Lo
the point of compaction. This platean stross inereases wich imcreased [oam densily walch
% aiso snown in Fig. 2% Purther to this, the platean stress lnereases with increasing

impact velocity., This plateau stress typicaliy oceurs up to slrain valnes of 70— 80%.

Although Lhe ahumnininm foam s desicable as a sandwics core material in plate structires,
it ean also be used as parl of o melallic tube structure to iImprove energy absorption. This
car: be accompiished by filling a circular or square tube with the foam material. Purthor
to this, bitulmal elements may alse be nsed which have outer and jnmer profiles with foar
filler in between. The purpose of this 15 to provide an interaction effect whorehy the Lnbe
and the foam are & more efficient absorber than each component alone. Fig. 2.9h [32]
gives an exampie of such coupling between the tube and the foam. It is clear that the
cruzh foree, and hence eneray absorption of the fozm hlled column is significantly bizaer

taroughout the stroke than either the tube or foam alone,

Scitzherger of al |53 experimentally and munerically stadied the axial compressior of
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square and circular steel tubes with aluminium foam filler. The foam densities varied
between pr = 0.47 — 0.7 g/cm?’. Interaction effects between the foam and steel wall
increased energy absorption in square tubes by up to 60 % provided progressive buckling
occurred. High foam densities tended to initiate global modes, primarily in circular
tubes. Seitzberger et al. [54] studied monotubal and bitubal steel tubes with various
cross sections with aluminium foam filler. The authors found that interaction effects
between the foam core and tube wall improved mass efficiency substantially. Specifically,
the authors found that more than a third of mean force level was attributed to interaction
effects. The total energy absorbing capacity of foam filled elements was found to not
be increased so dramatically however. The inclusion of aluminium foam reduces the
total crush distance and hence the stroke efficiency (ratio of crush distance to element
length). The specific energy(the ratio of energy absorbed to absorber mass) was found
to increase by up to 60 % over the tube structure alone. The crushing mode was found
to vary considerably between foam filled and not foam filled sections. Figs. 2.10a-c [54]
gives examples of square tubes with and without foam filler. The reduction in stroke
efficiency when including foam is clear from this figure. The experimentally obtained
force-displacement curves corresponding to empty, foam fillied, and bitubual tubes are
shown in Fig. 2.10d. In Fig. 2.10d, curves denoted by SE refer to empty columns, SM
refers to monotubal foam filled tubes and SB refers to bitubal foam filled tubes. Larger
crush forces are observed with foam filled tubes however the stroke of the absorber is
reduced due to an increased distance between the lobes. Higher foam densities tended
to result in increased global bending, as opposed to progressive folding with an optimal
foam density of 0.3 — 0.6 g/cm?®. Bitubal (Fig. 2.10c) foam filled elements also appeared
to provide increased specific energy over monotubal foam filled elements provided global

bending is avoided.

Sanstosa and Wierzbicki [55] experimentally and numerically investigated the effect of
including aluminium foam or honeycomb in prismatic columns on bending performance.
The authors found bending resistance to be significantly increased by including the
lightweight filler, particularly if the filler is properly bonded to the column wall. Further
to this, bending resistance is improved using the lightweight filler as opposed to using
a thicker tube wall. Hanssen et al. [56] experimentally and analytically investigated the
bending performance of aluminium foam filled extrusions. They found that the foam
filler increased the peak load and this peak load was limited by the tensile failure strain
of the foam core. After failure in the core, the bending moment in the beam decreased
but this decrease was independent of the aluminium foam density. Bending performance
was also investigated by Shahbeyk et al. [57]. The authors also found improved energy
absorption by including the foam filler and determined the foam to be more mass efficient

than increasing the tube thickness.
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L ozl [M]

Dreplacerment [mm)
(d)
Fignure 2.10: {a) Pholopraph of ancemply progressively bucklod scaare tube under quasi-
satic compression,  (b) Photogaph of a fatn filled (g = 043 giewt?) proaressively
buckled square tithe nnder quasi-static compression, {e) Photograph of a hitubal foam
flled [y = 0.59 g/em®) progressively buckled sgnaze tnhe nuder grasi-static compression,
(d) Plat of force-displacement curves for empty, and monatubal and bitubal foam flled
Lithes under quasi-=1atie compression. [54]

Sauteea and Wierzbicki [38%] numerically investigated the crush beliavionr of foam flled
columng. The study fonud Lhat aboaiwion honeyeomb flling 15 more weighl efficient
than alnminimmn foam. This may however, be due o the aiditectional loading uzed in
the stidv. The suthors coustricted simple ovtnolae for the quasi-static mean crushing

load F. of houeveomb sad loatn flled sections respectively as

-'F:':: hemeeonile — ]-']gﬂf._r'..ﬂbl'::; -+ E}Egh :'LJ_,]II
At
F.., ot T I'JHHPIIH'FJIIIH | El!f:{ﬂ lJ-..’.fH



CHAPTER 2. LITERATURE REVIEW 21

where og is the effective plastic flow stress, ¢ is the tube wall thickness, b is the column
width, oy, is the crushing strength of the honeycomb and oy is the crush strength of the

aluminium foam. The value of oy, is given as

on = 3.2200(pn/ps)*" (2.7)

where, in terms of Eq. (2.7), oy is the plastic flow stress of honeycombs cell wall, p;, is
the mass density of the honeycomb while p, is the mass density of the solid material. The

value of o; is

o¢ = oo(pt/ps) " | (2.8)

Langseth et al. [59] and Hanssen et al. [49-52, 60] have conducted extensive numerical
and experimental studies on aluminium extrusions filled with aluminium foam. Hanssen
et al. [49] experimentally studied the static crushing of such tubes and developed simple
formulae and design rules to describe the interaction effects between the tube and the
foam. The formula for the mean crush force F,, developed in [49] as presented by Hanssen
et al. [52] is

F = 13.0600b, %15/ + 03b% + Cavg\/Tt00bmt (2.9)

where by, = b — 1, by = b — 2t, and O, is the interaction constant which is taken as
5.0 in Hanssen et al. [49]. The remaining variables are the same as those in Eq. (2.6).
This additive formula is composed of three parts. The first term is the mean force
from the tube only, the second term is for the foam only, and the final term models
the interaction effect. The effects of dynamic loading on circular foam filled tubes with
triggers is investigated by Hanssen et al. [50] where a design formula similar to Eq. (2.9)
is proposed. Static and dynamic loading of square foam filled tubes with triggers was
investigated experimentally by Hanssen et al. [51] with the primary purpose of developing
design formulae under dynamic conditions. The authors found the crush force to to very
insensitive to velocity. The aluminium foam is rate insensitive and thus increases in force
levels are attributed to inertia effects in the tube walls. This is reflected in the resulting
design formula under dynamic loading differing from Eq. (2.9) only in the first term to

amplify the contribution of the tube wall in the total mean crush force.

A desirable characteristic of aluminium foam is that it maintains it’s absorptioﬁ capabil-
ities when loaded in various directions. The foam must be considered to be anisotropic
however, due to the manufacturing process [61]. Despite the anisotropic behaviour, tube
structures that have aluminium foam filler should clearly maintain energy absorbing prop-

erties when the loading is oblique. Borvik et al. [61] investigated circular foam filled tubes
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under oblique quasi-static loading angles of 0,4,15 and 30 degrees. The authors found
the influence of load angle to be significant. Specifically, large reductions in peak force
and energy absorption were observed with increasing load angle with a more pronounced
effect for foam filled tubes. Interestingly, the specific energy was found to be increased
in the foam filled extrusions under axial loading but was lower than the empty sections
under oblique loading. LS-DYNA simulations were carried out and showed good agree-
ment with the experiments. Reyes et al. [62] conducted a similar study using square
aluminium tubes with aluminium foam filler. The general observations were that under
oblique loading, it is preferable to use an empty tube with a thicker wall than to have a
thinner wall and use a foam filler, given approximately equal mass. This applies to most
performance measures except for peak force which is lower when using a foam filler over
a thicker tube. Also of note, Reyes et al. [63] studied the oblique loading of non-foam
filled square aluminium columns. As expected the authors found a significant drop in

performance even with a small loading angle.

In the studies by Borvik et al. [61] and Reyes et al. [62] acknowledge that the apparent
inefficiencies could be overcome through optimization of parameters such as tube geom-
etry and foam density could improve results. A mass optimization study was carried out
by Hanssen ef al. [52] to investigate if mass improvements can be expected using a foam
filler. The authors used established design formulae to present a graphical optimization
method based on cross-sections of the design space. The design variables were the foam
plateau stress, column wall strength, column width, column thickness, and tube length.
The study determined that mass savings could be obtained when using a foam filler
subject to several prescribed constrains on the design variables and structural response.
These results are highly dependent on the foam quality (the plateau stress as a function

of density) which are likely to increase as the manufacturing process improves.

A recent study was conducted by Wang et al. [64] where top hat sections were filled
and partially filled with aluminium foam. The authors found that using partially filled
tubes showed the best performance in terms of peak load, specific energy and structural
stability. Other recent work is by Shahbeyk et al. [65] in which a complete numerical
study of foam filled columns under dynamic axial loading is given with an emphasis on

the extension of the Desphande and Fleck [66] constitutive model for aluminium foam.
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Karagiozova et al. [8]. An expression for the dissipated energy during the initial com-
pression phase was developed for circular shells. Figs. 2.12a,b give the attached mass
velocity characteristics for a circular tube [8]. The velocity at the proximal end of the

tube as a function of time is given by

A
V=V- %t (2.10)

where G is the attached mass, A is the cross sectional tube area, oo = oy + E,Vyt (oy
and F), are the yield stress and hardening modulus respectively), and V5 = I/G. The
time t = ¢* is the time where the initial compression phase ends. This occurs at the
intersection of the proximal end velocity curve due to plastic hinge rotation (Vi) with
the proximal end velocity. The expression for V) is determined analytically but is not

reported here. The energy at the end of the compression phase is therefore
T.=G[Vy V()] /2 (2.11)

A relatively accurate crush distance formuala is then given by the authors as

TO 31/4

0= (To — T.) 2(xh 23R 2q, [1 + (Vo JARD) 3]

(2.12)

Fig. 2.12c shows the analytically predicted crush distance using the classical models and
using Eq. (2.12). The results show significant improvement when compared to numerical
results using ABAQUS/Explicit. This result is significant for this thesis as it indicates
that under blast loading, compression energy during the initial phase of buckling may be

significant when analytically modelling the panels.

2.1.6 Analytical Models

Although numerical and experimental methods can provide good understanding of the
crushing mechanism of circular and square tubes, theoretical studies can improve upon
this understanding. Further to this, the development of closed form solutions can provide
useful tools for the efficient calculation of such parameters as mean crush force and crush
distance. This can also be invaluable if analytical optimization of the structure is required.
This section discusses some of the analytical models and results regarding square and
circular tubes conducted by researchers. Attention is primarily given to square tubes
as this relates to the proposed study, however the axisymmetry of circular tubes makes

theoretical analysis easier.

In the most general sense, there are two distinct types of plastically deforming structures.
These were first identified by Calladine and English [67] and later expanded by Tam and
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Calladine [68 . These struetures are characterized by their load-deflection curves, Fig,
2,13 [69] gives examples of force-displacerient, curves for the 4w 1y pes which are denoted

as type L and type 1L

* y 11, )
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Figure 2.13: (a) Plot of wad-deflection eneves for the two types of generie stoictures.
(b) A one-ditensional spring-1uass wwwlel for a patr ol pre-bent plates under jmpact
londing. |64

As can be seen, tvpe I structures harden and exhibit a Hat-topped Load-deflectinn curve.
Suck structures include transversely loaded beatns or radially loaded rings. Type 11
slructures on the olher hand, have an initiad peak elowed by structural softening as the
deflection increases. Axial buckling columms and tubes exlibit suck bhebaviour. Gao ef

al. [69, 7] theoretically and nmmerically investigate such stmetures,

2.1.6.1 Mean Static Crush Load

There has boen a reasanable number of 2tudies conduciod on analytically charactorizing
the erushing mechanisms and energy abzorption. As the delormaion o the folding of
sipuare Lubes 1s o complex proeess, rescarchers have attempted 1o sobve the tube crushing
problem by modelling a serles of basie elements, Onee the absorption properties of the
clerent are Identifiod, the erusling boliaviour of an entire tube can be approxioated by
combining these clerents. Wiersbicki and Abramowics [16] introduced the basie element
shown o Fig. 2.14u [17] which models one quarter of a squace fube. This is known as
a typir 1 eollapse element and models symmetric collapse (section 2.1.1.2). A type 1 13
shown in Fig. 2.14b [17] which models extensional eollapse modes, The riixed modes
descibed in zection 2.1.1.2 can be modelled by using corabinations of type 1 and type
I elemnents to create o cormpoete lobe, These eloments cottain fixed horizontal plastic
hinge: and inelined plastic hinges, Clearly, as the clememt deformsz plastie deforrion
15 conlined to these hinges, This iz not realistic however as the fravelling hinges will

propagate plastic delormations, A more realistie and kinematically admissible element
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is shown o Fig, 2.04e 16 With this element, plastic deformation ogeurs in the shaded

resions, The dat rrapesoidal replons are comnected by a toroldal she |

fel

Figure 2.14: Schematic of the basic folding clemnents used in theoretical analvsiz of Lhe
crushing of square tubes, (a) Type [ elemen, [17 (b) Type ITelement. [17] () Imptoved
tvpe [ element with plastic defomarion sones, [16]

The previously deseribed folding clements allow for analytical stadies on the eneray ab-
sorhing properties of Lubes under axtal erushing while maintaining kincematic constraints.
Irom this, design formulae can be obrained which approximate the trize behaviour ol
sguare tubes, Of particular interest iz the wmesn crushing fotee £, Lhe iotetnal en-
erey absorption in each element can beesaloulated. ineleding thae of the toroidal shell
element and equated to the externaliwork Lo obtain an expression [or the mean crush
force. Wierzhicki and Abramowiez (16 developed a formuda [or & tube collapsing in a

symrietric mode by cambining fowr tvpe I elements and is given v

FE N3
To=3812 | - (2,13
_ﬂi'.fu ( f ) X }
where
1 5
k= :i”t]h' {2.14}

and oy is the vield stress of the material, & 13 the tube wall thickuess. wnd €' is the
tube width, Abtamowlcs and Jones 17 developed futther formnlae fot mived maode
and cxtenzional collapze. For asymmetric mixed mode A, two layers are nsed which are
composed of six tvpe 1 and two lvpe 11 elements, Equating external wotrk to intetnal

work gives

PA A -: g j
= 3508 (C—) — 244 (T\ "

M, h By T

(2.13]

Similarly, [or asymrnetric mixed mode B, seven type I and one tyvpe 11 elements are used
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resulting in

pB C\3 o\? «
3o = 3534 (E) +1.354 (E) +37 (2.16)

(£ 18

And finally for extensional collapse mode

m Tl — -+ 27 2.17

The limitation of these formulae is that they assume that elements completely flatten
during crushing which is clearly an idealization. Abramowicz and Jones [17] extended
the previously described model by including the effective crushing distance. The authors
expressed the effective crushing for symmetric crushing (J;) as

0s

where 2H is the height of the folding element. Similarly for both mixed mode and

extensional modes the effective crush distance is

O
—0. 1
57 =077 (2.19)

Improved design formulae for the mean crush crush force which are denoted as P, can
be obtained by assuming P,6 = F,2H for each of the modes using Egs. (2.13)-(2.17).
This implies the external work is the same, however the internal dissipation occurs over
a distance § < 2H which implies a larger mean crush force. This leads to an updated

expression for the mean crushing load under symmetric collapse mode as

=g %
Z—fz = 52.22 (%) (2.20)

Similarly expressions for the mean crush load under asmmyetric mode A and B are given

respectively as

FA C
Im o g9 d
M, 292(h>

i
o

+3.17 (%) +2.04 (2.21)

and

1 2
3
—2 = 45.90 (%) ’ +1.75 (%) +1.02 (2.22)
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and finally, under extensional mode the mean crush load is given as

FE C\?
m 39642 481 2.23
My O (h) 816 (2.23)

2.1.6.2 Mean Dynamic Crush Load

Of primary interest in the present study is the how the mean static crushing load scales
under dynamic loading. Strain rate sensitive material will show an increase in plastic
flow stress at higher strain rates. This implies that the mean crushing load will increase

under dynamic loading.

The most commonly used strain rate model was suggested by Cowper and Symonds and

is given as

1

g4 £\ ¢
—=14+{= 2.24
2 { (3) } (224
where o4 is the dynamic yield stress at the plastic strain rate €, o, is the static yield
stress and D and ¢ are material parameters. Commonly used values for D) and q are
40.4 st and 5 respectively [14]. This model is discussed further in section 3.5. Under the

assumption that the cross sectional area of the tube remains constant under progressive

buckling, the dynamic crush load P& to the static load Pt is simply

1+ (-g-) } (2.25)

In order to use this scaling factor, the mean strain rate ¢ must be expressed in terms of

den

m

st
P

the impact parameters, specifically the dimensions of the square tube and impact velocity.

Abramowicz and Jones [17] determined that for symmetric buckling

: Vo
=0.332 2.2
€ =033 (2.26)

-where Vj is the initial impact velocity. Therefore, for progressive symmetric buckling

Fayn C\3s £\ e
m 5099 (2 £ 2
= 52 2<h> [1+(D> } )

Abramowicz and Jones [17] also found similar expressions for the mean strain rate under

asymmetric mixed modes A and B. It is then straight forward to modify Eqgs. 2.21 and

2.22 to incude strain rate effects.
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2.1.7 Optimization

The proposed structure in this thesis is controlled by several design variables which af-
fects the performance under blast loads. For this reason it is ideal for optimization of
the design parameters. Structural optimization is well researched field however nearly all
studies investigate the elastic response of structures under static loading. Most optimiza-
tion methods require several finite element simulations which limits the practical use of
structural optimization for non-linear responses such as those to blast loads. Recently
however, researchers have conducted structural optimization of tube structures in order

to improve their crashworthiness properties.

Yamazaki and Han [71] maximized the energy absorption of circular tubes under dynamic
loading. The authors optimised the wall thickness and shell radius while keeping the mass
of the tube fixed at 0.53 kg. The objective function was taken as the energy absorbed by
the tube before bottoming out when impacting a rigid wall at 10 m/s. Constraints were

placed on the design variables as well as on the mean crushing force.

In the study, the authors deal with the efficiency problems inherent to impact problems
by using the Response Surface Methodology (RSM). In traditional optimization, the
objective function, in this case energy absorption, must be evaluated by conducting a
finite element analysis. Therefore simply evaluating this function may take several hours.
Using the RSM, the objective function (and possibly constraints based on structural
response) is approximated using some analytical function, normally a polynomial. The
surface is created using selected number of finite element analysis. Once this approximate
surface is created, the optimization algorithm can seek the optimum solution based on
this surface. Once the optimum solution is found based on the surface, the accuracy of
the solution at this point is compared to the finite element solution. If the accuracy is
not within a predefined tolerance, the response surface is reconstructed and the process
begins again. Forsberg and Nilsson [72] and Jansson et al. [73] provide overviews of
the use of response surfaces in crashworthiness applications. Redhe et al. [74] compare
the performance of response surface based optimization and stochastic optimization in

crashworthiness applications.

In Yamazaki and Han [71], the response surface is constructed in an efficient way using the
Design-of-Experiment technique. This is a technique based on statistical theory where
the response of the structure can be determined extremely accurately without conducting
a full factorial design. A factorial design is one where all combinations of design variables
are examined and the resulting response is determined. For example, if the optimization
study has four design variables which each have three examined values then it takes
3* = 81 finite element analysis to get the complete response behaviour. Yamazaki and

Han [71] use the Design-of-Experiment to construct orthogonal polynomials representing
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the structural response. Examnples of tae response surfaces in the study are given in Fig.
2,13, The mathematical programming tecinigue is then used to find the optimal solution.
In the numerical exammple given, tiree design cveles were needed with the optimal solution
at the ailowable maximum limit of the mean foree waile buckling is progressive with tie

most mamhber of axisvmmetric folds created.

Energy (k1)

(a) el
Figure 2.15: (a) Response surface for the frst design evele ol the optimization study of
Yamuozaki and 1lan [TI]. (b) Response surface [or the sesond design design evele of the
optimizailon study of Yamazaki aud an [T1],

-'"'1—2 E1)H]

=
Y

(a) (b

Figure 2.16: {a) Tapered tube [avout and desion variables nsed in the shape optimization
b Chiandizssi and Avalle 75 (b) Crush behasiour for one of the optimizm solutions, (75

Chiandussi and Avalle [75] used shape opti:ization to maoximize the performauce of
tapered tubular structures, Shape optimization is a less general form of optimization
where parameters defining the overall shape of the structure are the design varialiles.
In this study the shape parameters reler to the taper lenpth and the diameter of the
narrow end of the tube, This is pictured by the schematic in Fio, 2,060, Tae ohjective

function in the study is o load anilorcity parameter which s net defined in the paper.
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This parameter is minimized using a program called OPTISTAT which is implemented

by the authors. This study also utilizes response surfaces to increase efficiency.

Two local minimums are found corresponding to two distinct tapered tube designs de-
noted solution A and solution B. Both solutions are examined with respect to small per-
turbations in wall thickness and Young’s modulus. Solution A was found to less sensitive
to perturbations in these parameters however the value of the objective function is larger
for this design. This is indicative of the difficulty with structural optimization is that

small changes in the optimum structure can result in a large reduction in performance.

Hanssen et al. [52] conducted an optimization study on square aluminium columns with
aluminium foam filler. This study was briefly discussed in section 2.1.4. This study
differs significantly from the previously mentioned studies as the objective functions and
constraints are analytically derived expressions as opposed to polynomials which are fit
to numerical results. A simplified geometric approach is then taken to determine the

optimum structure subject to a number of constraints.
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2.2 Blast Loading of Plates and Sandwich Panels

A review of the relevant literature on blast loading is presented here. In general, the work
published on blast and dynamic loading is extensive and mostly beyond the scope of this
thesis. For this reason, the literature review primarily focuses on blast loading of sacrificial
cladding, including foam and honeycomb based sandwich panels. Some attention is also
given to research on sandwich type structures under quasi-static compression which may
in the future, be solutions to the problems posed in this thesis. Special attention is given
to aluminium foam cladding as it is considered in this thesis as a direct alternative to

using thin-walled tubes.

2.2.1 Blast Loading

An explosion is a rapid release of stored energy characterised by a bright flash and an
audible blast [76]. Energy is released in the form of heat, light, sound and a shock
wave in the surrounding air. The shock wave consists of a region of highly compressed
air moving at high velocities travelling outward from the point of detonation. As the
shock wave it travelling at very high velocities, it induces impulsive or dynamic pressure
loading on the structures in which it encounters. It should be noted that the Steel
Construction Institute [77] defines impulsive loads as those in which the duration of
loading is significantly shorter that the natural period of the structure experiencing the
load. This implies that the structure cannot show any significant response during the
loading application. This is in contrast to quasi-static loading in which the period of
loading is much longer than the natural period of the structure. The load duration regime
in between impulsive and quasi-static loading is referred to as dynamic. Impulsive blast

loading of interest in the present work.

Sources of blast loading can vary significantly and include the intentional detonation of
plastic explosives or the accidental bursting of pressure vessels containing detonable gases.
Regardless of the source of the blast loading, the effect on the structures in encounters is
generally characterised as a pressure pulse which a large peak pressure and short pulse
duration. Such a pressure pulse is described in Fig. 2.17 [77]. Of note in the figure is the
region of over-pressure defined by a large peak pressure that decays over time followed
by a region of under-pressure where the pressure acts in a direction away from the face
of the structure. The pressures in this region are typically small and are often omitted

in the analysis of structures under blast loading.

As the pressure loading is impulsive the exact peak pressures and time duration are
considered to be of little consequence provided the total impulse is correctly observed [77].

Assuming the pressure is distributed uniformly over the structure, the impulse is simply



CHAPTER 2. LITERATURE REVIEW B 43

+ Pressare
Aenaspher e
Mespum T
4 e
Img 2* |
Artval l
\ Hegative Phase
- Fresuie g s

Figure 2.17: A wrplcal pressure-time history on a strueture ander blast ioading 77

tlie aren under the pressure-time curve, The maodelling of the pressure pulse is dizcussed

M more detall in section 4.4

2.2.2 Blast Loading of Sandwich Structures
2.2.2.1  Ahmninium Foam Cladding

The nse of aluminiun foam would anpear 1o be an jdeal strucrnre for absorhing energy
under blast loads, Aluininmn foam used as 1he core material sandwiched hetween alu-
minjum cover sheels was examined by Hanssen et ol [78]. The use of aluminium foan
s a protective cladding s pletnred in Figo 21850 .78 Without the protective eladding
extremely large pressures ate generated by the blast whick are experienced directiv by
the structure. With the nse of foam cladding, *he pressure experienced hyv the protec-
Lve stynelute s dispersed over g longer duration with e smailer peak pressure. This is

Ulnstrated i Figo 2,180 [78].

In the stwdy by Hanssen et el 78], [ull scale Blast tests were perlormed using hetween
1.0 =25 kg of PE4. The pauels are allached 1o tke bob ol Grge pondulum and the
rotaiion of the bob is used 1o delermive 1he unpulse Transler Lo ke pendubnn The
authors foun:d that experimentaly, the lonm pancls aciualiy ncereased the energy and
impulse transfer to the pendulum. An analyvtical solution is derived which sbows 1l
the stress level experienced by the protected strueture 15 equal to the plateau stress ol

the foan. The total impulse transferred to 1he main structure s Lhe sane however willi
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Fipure 2.18: {a} Schematic of the putential use of a foarn based eladding. (b)) Plov of 1he
infiuenee of a foatn cladding an the pressure distribulion Lo the protected strucoure. |78

and without the cladding. This implies that only local profection of Lhe structure is
attainable, however it 38 contrallable by selecting foam with the desired platean stress,
The inercased impulse transfer with inclusion of the foam panel s attributed to changes
irt The shape of Lhe cover plage. As the foam s able todeformn instantly, the shape of
the vover plale altaios o double curvature thereby forming a parabolon] type surface,
LThis Is ilimstrated in Fig. 220, The sathors of Hanssen ef ol 78 mefer to a study
v Liaap ef ol [79] that found thal blust waves interacting with a parabeloid shaped
surface resulted in a larser amphficalion of sressure than if the wave nteracted with a
surface of single carvature or a plaser surface. Llie experimental observations of Hanssen
et ul, T8 concurted with this as larper dishing me Lhe cover plate resuiled in vereased

energy transfor ta the peadulum,

A similar study was recently andertaken by Ma and Ye [B0]. In this paper, the an-
thors examine 4 louhle-lager ahiminium foam cladding separated Dy steel cover plates,
The study 15 analvtical and numerical aned compared the perfornance of fous different
claddings. Similar to the study v Hanszen ef al. 75, the authors derived their solution
using a4 rigid-perfectlv plastie-"ocking material model which greatly simplifies the analvsis
while providing accurate resnits when compared to fnite element simulations, particu-
lariy for low densily fourms. Single and dual lavered claddings are analyvzed with a low
and ligh densily foums. The Jow densty fown has a density of 200 ke/m® and a platean
stress of 1,5 MPa while the high density foam has o density of 300 ke/m® and a platean
stress of 3.0 MPa, Under quasi-static Joading, with identical low-deasity foam. a duoal
laver cladiding will ahsern twice as much cnergy as a single layered foarn. Mixing high
andl low density foams ncreased the energy absorption v a further 42 %, Under Giast
Inading. the ual Zverad foarn mcreases the maximunw allowable nopulise by 76 %, Using
high demsity foam on the rear Javer (RL i Tig, 2,200 inereases the capacity of the panels
by o further 27 % however the stress transmitted to the protecred structure iz doulbled,

Using higher density foams on the front lager (FL) gave no significaut increase in capacity
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Fignre 2.19: Blag, wave uteraction with vigid panels and detormabie toam core panels.
(a) pianar rigid surface (b)Y curved rigid surface () cover plate on foam (d) plate and
fourn deforms and (@) flual shape of component.

over the low deusity {oam.

Firure 2.20: Schematic of 2 double lavered foam ciadding as proposed by Ma and Ye 30

A recent stidy on blast Ioading of aluminium foan panels was conducted by Newat-
Nagser ¢ ol 81]. This study differs sianificantly from the aforementioned studies in thag
the panes ace clamped circular sandwich plates and hence do oot have a rigid hacs plate.
The anthors modeled such panels using the dynamic [inite element package L5-1DYNA
with the pressuce distribution determined by the ConWep function. The blast loading is
asauned to be penerated from 2 g of TNT. It was conciuded that due to hizh velocinies
at the panel centre (¥ = 100 m/sl that a shock frout develops lnducing mgeh largor

displacenients in the front plate thau in the back plate. This 35 ilustvated by e Roiue
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Figure 2,21 Deforned shape of foam core sandwich pancls under blast losding at varions
line instances, [81]

When using fuam cladding as a blast attenuilor, the designer nmsl be carebl 1hat Lhe
exicl opposite heliaviour does not odear. Ll and Meny B2 defernined Lhat wlen o
Blas) loied 15 intensive, 1he (ransmittec pressure can aolually be enhanced gl oxeeed the
tieident preatk pressure. The anfliebs shincied anaslvideaily, the perameters wlich cotermine
wlioller af tepualion of cudtmeemernd. of (he Llast oooues wlen using o foun cladding
aeainsl o ripid support. hey foandc that 1l dens: e lion strain 2 anc e pulse duration
o e e Che raximurn pressare wiceh s applicd o vhe tigid sweface. s, 2,226 shows
Lte iillaenee of &~ onthe dhimensionless tearsitiec slress Lo Lie proleclec straet e, Tlie
lewcding corresponding Lo the cata in this Geare Is a pressare pulse of maximurs pressure
to plateai stress ratio o B, 3 oatel v dirtensiondoss pulse cvration of T, e 1
wltor T, 18 Blven as
T
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In Eq. (2.28) T 1= pulse duration, L i3 foam lengih, E 5 the elastic modnlas and g is the

density of the cellular material.

Cleatrly, for larger densificasion stening the transmitton pressare spproaches the platean
stress of the foam, Figo 2.22h shows the nlluchee of the pulse lntensite on the trans
mittod stress for various pulse durstions. The densification stramn iz fixed at 68.9% in all

enrves, e straight line denoted as £ 1, corresponds to the transition point between
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Figure 2.22: (a) Dependence of the dimensionless transmitted stress on densification
sirain 27 with p = 3 and 75 = L. (b) Dependence of the dimensionless transmitted siress
ot the pressure intensity for pulse durations a: mp = 0.5, br 7y = 075, ¢ 7y = L0 de
et ey =315 153

attenuation and enbancement of the biast pressure. From Fige 2032 3t is clear that as the
pulse duration increases, the maximum input pressure that will result in the fransmitted

prossure being below the platean siress of the material decreases.

Onher studies on aamininm foam cladding for protection include Badford ef al [83]
where clainped sandwich beamns are investigated nnder shock loading, The shock loading
is simulared by impacting the beams wirh a metallic foam striker which is shown to
resernhle underwater blasts 84]. The study analytically and experimentally investizated
toneclithic neams, and sandwich beams with stainless steel corrugated and pyramical
sy, awd alumdnium foan cores. The sandwich beams all performed better than the
monelithie beam wich the pyranudal core beatns the weakest of the sandwich structures.
Cama et al. 85| studied the use of alwniunium foam as part of o multi-laver, multi-
taterial armour protection svstent. Under pallistic loading the author found favorable
results for such a configuration, Crupl and Montanini [86 experimentally investicated

aluminium foam sandwich panels under static and dvnamic three-point bending tests,

The material properties of alwmdaiwn ferm under bigh strain rate has been studied in
ihe liierature and a brief seccetion are discussed here. Paul and Ramamurty [87 stucied
the siraln rate sensitiviny of clesed cell aluminium foam Alporas for strain rate heiween
333 x W07 51 to 1.6 x 107" &7, The platean stress was found to inerease bilinearly with

a slow Ineredse up Lo strain rates of 333 x 107 57

with o sharper inerease after this
rate. Danmemnann and Lankford [88] also investigated Alporas foams but af strain tates
of 400 & 1o 2500 ¢ with a split Hopkinson pressure bar setup. Strain rate sensitivity was
abserved particularly for higher densioy foams, I s suggested by the anthers thag the cell
shape i responsible for this increase at bigher density. Desphande and Fleck [89] stadied
the strain rale sensitivity for the closed celi Alulight and open cell Duocel foams using

a split Hopkimse: pressure bar and dircet imipact tests at strain rates between 107 571
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to approximately 5 x 10% s!. The authors found both foams to be strain rate insensitive
in this range of strain rates. Dannemann and Lankford [88] attributed this discrepancy
between the closed wall Alporas and Alulight to the manufacturing process (casting vs.
powder processing). Ramachandra et al. [90] studied the impact behaviour of Alporas
aluminium foam for impact velocities ranging from 3 — 30 m/s. The energy absorbed
per unit volume was found to increase with increasing impact velocity, particularly for
velocities greater than 5 m/s. Zhao et al. [91] also studied the rate sensitivity of metallic
foams under impact. Two aluminium foams (IFAM, Cymat) are tested where IFAM is
a similar foam to Alulight. The IFAM foam is characterised by cell wall buckling in the
crush process while for the Cymat foam crushing is enabled by the fracture of cell walls.
The authors found that only the IFAM foam was rate sensitive however, and conclude
that this is likely due to microinertia effects presented by Zhao et al. [92]. Under dynamic
loading, strains along the fold line in a progressively collapsing wall have higher strains

due to to inertia causing the strain hardening of the base material to come into effect.

2.2.2.2 Honeycomb Core Sandwich Cladding

Despite the wealth of literature regarding the response of honeycomb core sandwich panels
to quasi-static and impact loading there has been relatively few studies conducted on blast
loading of such structures. A recent study was conducted by Chi [93] however. In the
study, the author investigated circular aluminium honeycomb core sandwich panels under
blast loading. Specifically, the study compared the deformation of sandwich structures
with steel face sheets and and empty air core with that of a honeycomb core. The author
found that for a given impulse, the maximum deformation of the panels is increased when
using a honeycomb core as opposed to an empty core. Also investigated is the different
response of the panels when subjected to uniform and localised blast loads. The author
found that under uniform blasts, deformations are distributed over the entire exposed area
and the resulting shape is similar to the dome shape expected when monolithic plates
and blasted uniformly. Fig. 2.23a shows a typical honeycomb core after uniform blast
loading. For localised loading, severe damage is found in the centre of the honeycomb
core even for small impulses. This results in larger maximum panel deformation than for
the uniformly loaded case. Fig. 2.23b illustrates this damage to the core with increasing
impulse applied locally. Of note is the complete disintegration of the honeycomb material

within the centre of the panel.
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Figure 2.23: (a) Photograph of the deforined hoveyeomb core subiected to a-miform blase
with an impulse of 30,293 Ns. (b) Photography of resalting honeveomb core subject 10
Incalised blast loadine (93]

2.2.2.3 General Sandwich Cladding

T'he: linear and non-linear response of generalized orihotropic weak core (iransverse shear
only ! sandwich panels under blast loading is studied by Livresen ef of 91 . The core
osandwiched between laminated face sheets: The authors genersted sols of governing
cauations nnder air-blast and underwater blast Wedine which were solved using swethods
based on the bxiended Galerkin Methot.  Some general results were that delleetions
due to air-blast loadings woere found e we much greater than for underweater nlasts, 'Uhe
laminate orientation was also found to play & large role in structurzl danpening and total
deflection ol the panels, Theddeal ply orientation depended heavily on the transverse
shear moculi of the core, ~ Hause and Lebroscu "3'3 conductid & similar study where
closed form solutions.are developed for the dynanie response of sandwich panels with

orchiotropic cores to avariety of blast pulses (rectangalar. siosoiczl, sonic boom).

Studivs conducted by Xue and Hutchinson 96,97 nvestigated the blast loading of sand-
wich structures from a2 theoretica] and cowpurationsl standpoint. The work presented
in |96] i¢ a prelimzinary study which compares Lhe performance in terms of strength and
energy ansorption of monclithic steel platles and Letragonal truss sandwich panels. The
parcls are civenlar and have clamped voundary conditions thereby allowing deformations
of poth Lhe top and bottomn face sheets. 'T'he authors found that the sandwich panels
can sustain substantially larger nupulses than solic mesal plates of the same mass, The
anthors conducted & follow-on comparative study i 97 . In the soudy, the perforsnance
of tetragoual truss, squsre hoveveomb, and folded plate sandwich cores are conipared
fo stecl plates of cogual mass nsing the ABAQUS finite elewen: package, It was again
found that sandwich struciuees onlpedform egnal mass steel plates in terms of pulsive

registanice. This wus showrn 1o be partienlarly truwe st smaller timpulses. Turther to this,
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Figure 2.24; Plot of nonediliensional ererey purtilietiiig between the face sheets and the
core [or {a) Tettagonal truss core atd (b} Seuareheneveonth core. The non-dimensional
applied finpulse applied to the panels is 4708 Argpt = .25, 96

the square houeveomb aud [olded plate vores sianificantly oulperfarmed the Lelragonal
cores due to in-plane stretching  Althongh the study primarily focused ob deflections
of the top and bottom face sheers, the partitiotine ol dissapared plastic chergy belween
the core and the face sheetsds also examined. Tia. 2,24 shows the partitnocing of the
non-dinension energy as & function of nor dimersional tiine. Ir zhould be noted that I
Fig. 224 M and L refers to the mass per unit area and leneth of the panel respectively,
For the given examp.e the nor-dimensional applied impulse &5 £ /(M /5,51 = (125, Nule
that a much _arger portion of the initial kiretic erercy 15 dizasipated i the honeveoud
coTe as opposed to the terraponal fruss core. The authors alzo showed 1 hat iuprovemnenls
sained using zandwich panels over solid plates are magnilisd when subjectine the panels
to underwater blasts. It is noted however that the resultz presented in 97 may be overly
aoptinnstic as a conplete wodel of the fluid strueture i= pot used. The authors counter
this iinilation however by votivg that the results presented for the sandwich panel are

wor fully optinsed.
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2.2.3  Alternative Core Structures
2.2.53.1  Blast Loading of Web Plate Claddings

Other forms af sacrificial cladding have been proposed in the literature. In terms of hlast
londing, Guruprasad ana Mukherjee investigated analytically and mumerically [98] and
experimentally [99], a layered web cladding under blast loading. A schematic of a three-
laverea cladding structure is given in Fig. 2354 Each layer is compaosed of a base plate.
a cover plate, ana a web plate, all made of vuld steel. The layers collapse successively

with minimal torce transfer to the protected structure.

/]
\ AR
L 2
T
)

FACRUKTAI LAYIAS

BACH SRR TAL /

LLEL

M7 O L 1M THIEFF B AYFRE i i
3 Time = 0001 sec  Tirme = 0018 so5

(a) (b

Figure 2.25: (a) Configuration of sacrificial cladding with a non-sacrificial frame. (D)
Deformation modes at ¢ - 0001 5 and ¢ (.008 s for a three-lavered cladding with a
sheet thickness of 1.6 mun, [98]

This configuration has several anvautages in terms of energy absorption unaer blast loads.
Plastic hinge locations are well defined and hence the performance of each layer is pre-
dictable, consistert and failorable to the expected blast loaning. Strains are small aned
henee fracture within the wen plates is unlikely. The lavered cladding in the atorenen-
tinned study is also space efficient In that it absorls a large amount of energy within o
given thickness. In Gurnprasad and Mukherjee [98] 4 plate strain model as well a simpli-
fied rnass-spring model was developea and snalvzed under a triangular pressure pulse to
sitnulate the blast loading. The two models showed good correlation with each other. Tu
terns of enevey absorprion. the cladding structure was found to he efficient and provided

blast isolation for the protecten straeture.

This absorplion behaviour was confirued experimentally in Guruoprasad and Muklierjee
M49]). The experimental setup is pictured in Fig. 2.26a, The panels had dimensions of 1 1

% 2 1m with one 1o three lavers. Bach layer had a thickness of 100 mmn. TNT explosives
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(b} (G}

Fraure 2.26: (a) Photographs of experimental setup using lavered web cladding. (b)
Photographs of deformed shape of a lavered cladding suliject o, a 1.1 kg TNT charge
positioned 2 m from the panel. The thickness of the web plateis 126 . (¢) Pholographs
of deformed shape of a layered cladding subject to a 4 L'kg TNT charge positioned 2 m
from the panel. The thickness of the web plate is 1.2 mm. 99|

rangine frorn 2.5 — 5.0 kg were hung asbove-the’ piadlding.  Pressure gauges recorded
tiie hlast pressure and the deformation of each layer wias also recorded. The analvtical
angl experimentas results compare reasouahly weli, however some over-prediction o the
delormation was observed dne to some modes ol dissipation nol being included in the

simple medel. Figs 2.26b e show thedolormoed cladding resniling [rom twe 4.1 kg blasts

L P

] mx'l W

hx)

s - M=m.Jf2n
j!'."l'l s - G+IT‘I

Figure 2.27: Schematic of a mass-spring model for o univ cell of a web platimg cladding
struneture. 100

Karamozova and Jones [ 100 Loeorelieally investigated a layered cladding structure similar

o the previonsly desenbed strueture under a triangalar blast pulse. The study exarnined
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two lavers of mild steel and alhnminum web plates nsing a hunped mass model with links
connected bv springs as shown in F1g.2.27. Note that the angle of the web plates as shown
in tae fignre is given by 2, In the stwdy, two different values of ¢ were examined. A
stall walue of 3 corresponds to a nearly vertical web plate. The worl by Karaglozova and
Jones 1] focnsed on the deformation nodes, foree transter between the layers as well
as The inllnence of strain rate. 'The wild steel eladdings showed nigoer energy absorbing
capacity than the whuminben panels, Stroadn rade sensitivity showed Libtle inflnenee on
the ahsorption propertios of the eladding due o e veloelly toansfer properties of e
pressure (mlse. Speeilieallv, thal the veloeily applid Lo the struetnre rises gradua]ly as
apposed Lo unpact seenarios where Ve velocity rise 18 Instantancos, Foree transfer for
a nnil eell with two dillerenl starting geomnelries auad materials s given in Flgs. 2.28a
are] 2,280, Lhe eladding vesponse o Fig. 2.28q 15 for an alusininm cladding witn a
larger angle on the web plates. In Figo 2.28b, the wel plalos are at o greater angle
(e nearly vertieal) and made of mild stee.. For two lagered claddings i was found tahat
slilfer woeb pliles Lransterred areer forees to the subiSestiont Jayver. The stilffness of each
Llaver 15 defined by (he maderial used and initialandle of the web plates. Stall angles ean
therefore transfer large loads Lo the subseguent-Tayver and the main steneture. Further
to this, small angled web plates showed Gnpredictable deformation maodes. Figo 2.28e
sihows the enersy absorption in each dayer of an ahwminium web plate wilh small web
plate ang.e. Tt is clear from this ffare that very littie eneray s absorbed in the second

layer until a distinet point where the iirst laver callapses,

Pk coverpige - kM Enargy
i S N COVEr pElE kd
= EEEE main strudure ®2F " base plate el ayee
- ---- main structlre ]

GoG Q05 010 815 420 5!3.25 0,00 .05 2,10 2 a1 .00 .o n.mz1 EF__%l:l:t:u
(a) (b} (c)

Figure 2.28: Foree Lransfor Lo the base plate and main strneture of @ unie cell with the
fllowing wels plate conlgurations: {(a) Aluminiom web plages with o lurge walue of 3. {b)
Steel webh plates with o small vaue of 20 {¢) Energy absorption within escl component
af an aluminium cladding with s small value of ¢ [100)]
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2.2%4), woven metailic textile, and shunivinm honeveoml cores. The enersy absorbed
per utit mass (W ) for the varions codignrations s given in Fig, 2.30a. All results are
normalized with respect to Lhe yicld stress of the solid matedal o, Cleatly st low peak
strengthsi o, honeycomb cores performance is hishest. At higher peak strengths, setra-
hedral truss structures outperform olher situctures indicating it mey be mowe snitahle

for high intensity loading situasions.

Queheillzlt of ol 103 investigated the compressive behasiour of metallic latzice hollow
truss sandwich structures. Square and diamond structures as shown in Fig, 2,292 an
stiilied. As tha truss elements are hollow tubes, the square conlipuration highly resemilos
the structure posed in this thesiz, [z 2.295 shows a square and a diamond shaped lattice
nuder guasi-static compression at 0% and 40% strain. The peak stress o, of both latrice

struetures is a funetion of the plastie buckling stress of o hollow cplinder and is given as

1E — .
oy =Tk R, ( a0 : ) ST i (2.29)
where k is & ¢onstant defining the rigidicy of the joints £ is (he tansen: modulng of the
parent materizl, o and g; are the outzide and ingide radii of (e truss respeciively, s
the fength of the colwmn, w is the anple the trusstnakes witn the fuce sheot, and 7 is the
refative censity. Quebeillait et al. (1031 found that the hollow lruss structures have the

highest pesk strength of all cellular metal topologies presented in the Llerature,

A comparison lnlo the energy absorption chatactedstics, similar to that of Kooista ef
al. [L02] is given [or the dizmoid and squuare truss latsicss sud swmmarized in Fig, 2.50b,

It iz clear that such latliced commare favorably witls pyramicdal latsiee truss and metal

textiles,
b Talahedra Ve ib} et ; 1 R |
farlice shaes - s B
Her £y il N I
/H/ Aariaing '&P.ﬁ'{ .F'E
N y -// Y 5 Colimaan Layup | —"‘i-.-:;a:'___..
L=} s : e -
b r - = '-___
& 0 Ll YL & Gang e
E i E ks T s Teries
= Pyramroal = Pyl
o [ R ATl Irirss
Eggbinx 1 :
x Aprenad ARGDET ‘B Sounre anaraaion 1
At g ALGDA ".P!ET'.‘?‘.'.'?'..‘?!'.'E’.'.@!‘?.‘."...E
i Gm -
Q.01 o1 0.1 140 &0 .01 0 14
i Py G Oy
{a) (b}

Figurs 2.30: (a) Erergy absorption per unil mass of various lattice stractures. (b) Enerpy
absorption per unit mass of square and diamond ovlentation lattiee stractores. [102]
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2.2.4 Optimisation ol Sandwich Structures

Liang ef al. [L04] conducied a mass optitnisation study of corrugated sandwich structures
atiler Blast loads, The design variables used in the study are shown in Fig. 2,31, The
trass oI suen a structure is optimised using a combined Feasible Direction Method com-
ined with the Backtrack Progranuning Method, Axial compression, bending, buckling,
and tnanudneturing considerations are used as eorstrainlys, A signilicant assnmption s
traede Long Llee Blas leswl ear be reprosented by oo stalic pressure, The resulls show that
the corrugation lee (Lo, corrupation apgle (g, core thickpess (1) and corrugation pite
fa are unportant design parsielers for the core component with respect to buekling
streneti, and Lnat the Bwee shoel thickness () are importast desisn parstneters for Lhe

fnee sheet companent with respecl to axinl stress,

TAVAVATA

=,
o =
LT A = 6. ¥
L Space lenpih 1 East dhes) Vhickness
L. Corragatiun Jeg lempth S Comugation pich
0 ACermagaticn anle d. MNode widih

1 Core thickoess

Fizure 2.31: Schematic of corraeated sapdwicn papels with the design variavies nsed in
Lhe optimization study by Liang ef wl, [104,

Tian and Lu 105] optimise warious corrugated sandwich panels under axial compression.
The sapdwich cores investigated were square, hat-stiffened, triangular, and frapezoidal
corrngations. This study does not involve Dilast loading however and as siuch has limitedd
importance to the current researci. The sandwich panels in the aforementioned study
are optiniscd for weight ander axial compression based on desge formulae Tor criticnl
slobal andd loeal buekling, Tace sheet bhuekling and menerial vielding, Using vhe guiadratie
progranming optitnizition technlogue the authors obtained slenilicar: mass rednctions
using optimised hat-stiffened sections over simple square corrugations.  Although the
loading differs sgnificantly from the present study the work is insightful in that illustrates

uow proper selection of sandwich core parameters can reduce the mass while not sacrificing

the structural properties of the panel,



Chapter 3

Material Characterisation

3.1 Introduction

Toinvestigate the respouse of the proposcd panels under blast loading conditions. rigor-
ous material characterization neods to be undertaken. Altheugh mild steel 15 a relatively
well understood material, variation ‘n the manutacturing process and composition of
low-carbon steel oceurs resulting in widely varving marerial characteristics. This 15 par-
tiemlarly troe in the current application ag the lowscatbon steel nsed for the top plate
and for the tubes mudergoes a ditterent roling progess (het rolled and cold rolled respec-
tively ). This inereases the work hardesing i the tubes ana st be acconnted for when

madelling the fow stress of the matresial,

t should be noted that the steel weed for the top and bottom plates are ohtained fronn

it

Videan SteelTwhile the steel subes are suppicd by Tubecon™ . The alumininm mbes

M The chemical composition of the steels nsed in

are smppiied by Non-Ferrous MetalsT
this study ate siven indlable 3.1 and the aluminiom is given in Table 3.2, For both tnbe
materials, the chemical composition 5 oblaned direet v from the supplier, boweser the

chemicnl composition of the top plate is found in 106].

Tahle 3.1: Chemiral Composition of the steels used in this study

Steel C % Mn % P % 3% Si %
tubes (h10 VXL (1,025 ERATY [kl
top plate (h15 A0 (hO3D {10135 (1.3

The modelling of materiais nnder blast loads requires quasi-static and dynamic cousti-

tutive parametors. The following seetions deseribe the experimental and anaysis proce-
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Table 3.2: Chemical composition of the 6063-T6 aluminium used in this study

Cu % Mg % Si % Fe % Mn % Zn % Ti % Cr %

0.10 0.45 0.2 0.35 0.1 0.1 0.1 0.1

dures used to obtain the constitutive behaviour of the materials used in the panels. To

sumimarize, there are four materials of interest in this study

1. Mild steel cut from square tubes of dimension 25.4 mm x 25.4 mm x 2.04 mm. All

material specimens are centred about the centreline of the tube.

2. Annealed mild steel cut from tubes described in the previous point. The tubes are
annealed for 60 min at 900 °C in an autoclave. The tubes are allowed to cool in the
oven and are removed when the temperature in the oven is reasonably near room

temperature.

3. 6063-T6 aluminium alloy tubes of dimension 25.4 mm X 25.4 mm x 2.04 mm. The

tubes are analyzed only in their as-received state.

4. Mild steel cut from hot rolled 4.0 mm plates.

The as-received mild steel tubes are not subject to a full material characterization as
the tubes are not used in either numerical simulations or in experiments. The numerical
simulations and experimental work using the steel tubes utilizes only the annealed tubes.
In terms of the numerical study conducted in chapter 7, tubes of various aspect ratios
are studied. Due to the nature of cold-formed steel tubing, tubes with larger widths
will have less work hardening along the longitudinal axis than narrower tubes. For this
reason, modelling tubes with various widths using experimental quasi-static and dynamic
tests from a single width tube is insufficient. The annealing process removes the work
hardening effect on the flow stress in the tubes allowing for characterization of a wide

range of cross sections.
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3.2 Quasi-Static Tensile Behaviour

3.2.1 Test Apparatus

In order to obtain the quasi-static stress-strain parameters, several tensile tests are per-
formed. All tests are conducted on a 200 kN Zwick universal testing machine at the Cen-
tre for Materials Engineering at the University of Cape Town. The tests are performed
at a crosshead speed of 2 mm/min which corresponds to an approximate strain-rate of
¢ = 8.33 x10 s'. The tensile forces are obtained via a load cell on the machine and
transferred via a digital acquisition device to a PC. An extensometer is used and the
force as a function of the extensometer clip displacement is recorded. For samples with

no extensometer, the crosshead displacement is used.

£ 3
— | w | T
W3
l " !
¥
] I I ]
[}

Figure 3.1: Schematic of flat dogbone tensile specimen. The values corresponding to the
widths are found in Table 3.3

Tensile specimens are created using several methods. All specimens however use the
flat dogbone shape as given in Fig. 3.1. The actual dimensions of the specimens for
each of the cases described here is given in Table 3.3. The dimensions are based upon
available source material and extensometer properties of the testing machine. Specimen
dimensions are based on the British Standard Method for Tensile Testing of Metals [107].
The specimens diverge slightly from the recommendations due to technical requirements
of using the extensometer. This does not effect the resulting material characterization
in terms of the purpose of this work as the constitutive behaviour is required only for

analytical and finite element material models.

For the top plate the specimens were cut from the top plates directly where all plates are
cut from a single sheet. The dimensions of these specimens correspond to Specimen A in
Table 3.3. To obtain material parameters from the tubes, specimens are obtained using

two separate methods. For the mild steel tubes, specimens are cut from 25.4 mm wide
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Table 3.3: Tensile specimen dimensions.

Specimen w; (mm) wp (mm) wj (mm) wy (mm) ws (mm) 1 (mm) t {mm)

A 8.0 60.0.0 80.0 170.0 25.0 15.0 4.0
B 8.0 60.0.0 80.0 170.0 25.0 15.0 2.0

tubes with a thickness of 2.0 mm before and after annealing. The aluminium specimens
are cut, parallel to the extrusion direction, from tubes with same dimensions as the steel
tubes. These tube specimens have dimensions given as Specimen B in Table 3.3. The
specimens cut from the annealed tubes have a slightly smaller thickness than nominal

values given in Table 3.3 due to loss from scaling.

3.2.2 Construction of True Stress vs. True Strain Curves

This section describes the procedures used to construct the quasi-static true stress vs. true
strain curves. The procedure varies somewhat depending on the nature of the material as

special attention must be paid to materials that do not conform ideally to the Johnson-
Cook model.

For all materials the process begins by determining the plastic displacement vs. load
curves. As previously mentioned, a Zwick tensile machine is used to obtain the tensile
behaviour in the specimen. The raw data from this process at small displacements is
not the exact force behaviour in the specimen and must be accounted for. This occurs
primarily for two reasons. Firstly, the deflection is not measured directly on the specimen,
but instead is measured by the extensometer. Thus, the compliance of the deflection
measuring device will be added to the compliance of the specimen. This is not a significant
problem as the determination of Young’s modulus is not of importance for the current
application. Secondly, at the beginning of the test, the specimen must "bed in” where

the grips of the specimen deform to the shape of the the jaws of the test machine.

To overcome the difficulties associated with the test machine, certain steps are taken.
When using an extensometer, a linear curve is fit through the region of the load vs.
displacement curve corresponding to the approximately linear section. The slope of this
curve is denoted as the effective elastic force modulus Fog. This is clearly related to the
observed Elastic modulus of the material but has units of force. The curve is. shifted
so that the linear fit goes through the point AL = 0. This removes the "bedding in”

described in the previous paragraph. The actual plastic displacement AL, is then com-
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puted using Eq. (3.1).

F
AL, = AL - (3.1)
F eff
The engineering stress o, is then calculated as
F
Oeng = ZD‘ (32)

where Ap is the initial area of the specimen. Likewise, the plastic engineering strain is

calculated as

o ALy

eng LO (33)

where Lg is the gauge length. For all tests this value is Ly = 40 mm. The true logarithmic
plastic strain is then calculated using Eq. (3.4) [108]

L
dL L ALp
Epl = — =In{— ) =In{1+ p)zlnl-%egfq 3.4
P L (L0> ( Lo ( o a4)

where L is the instantaneous gauge length. The true stress in the material is then
calculated using Eq. (3.5) [108]

F F L
= e IR e 22 (T e = 1 pl = n €pl .
) Ao(Ly/L) s <L0> Oens ( " Eeng) Oeng?™ (3:5)

where A is the instantaneous cross sectional area. Eqgs. (3.4) and (3.5) are only valid up
to the point of necking. That is, up to the point where the strain can be assumed uniform
over the gauge length. At this point an instability develops and the strain localises to a
point. This is known as the diffuse necking point and is characterised by an increase in
strain resulting in a decrease in load. The point at which this occurs is at the Ultimate
Tensile Strength (UTS). Figs. 3.12a-c gives the true stress vs. plastic strain up to the
UTS for the materials used in this study. The curves shown correspond to the tensile

test resulting in the largest engineering strain.

3.2.3 Quasi-Static Results

The plastic engineering stress-strain curves for the four materials used in this study are
given in Fig. 3.2. Of particular note is the reduced flow stress and increased failure strain

in the annealed steel tubes as opposed to the as-received state.

The purpose of Fig. 3.2 is to illustrate the repeatability of the tensile tests. For all

materials, behaviour up to UTS shows good repeatability. For the annealed mild steel
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Fiunre 3.20 Engineering ghress-strain curves for (a) As veveived wmild steel inbes.
Anneaied mild-stee] tubes” {c) As recelved al-uninimn tubes, (d) Top slate sueel

(b)

tnbes there 5 seme discrepaney m the Lders bared buot the bebovianr aller the band 1=
the same for all tests. This is likely cue to sene slich dillferences in the anncaling of
the tnbes. This iz nconseguential however as the reference 1est tsed 1o commre e

quasi-static behavienr 38 not the test showing the ancmalots Inders baned bebaviour.

Als of vote Is thut for the avnealed steel tubes and the alumimam tubes 1s that [or
each materiel & tos, resulied inoa vertical stress-strain enrve after the TUTS, This 1s a
result of necking coonring outside Lhe extensomoeter where the measared extensometer
aisplacement iz zere while the [orce coutinges to drop, This is also wrrelevant ta the
analysis as the material behaviour post-UTS is uot faken [rom the [Gree-deformation

hoehavionr of these rensile 1ests bt iz instead obtained Teomn tensiie teg) sinladions,
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3.3 Tensile Test Simulations

The final strain for each of the materials given in Fig. 3.12 is not the true failure strain
of the material. The failure strain £; (assuming the specimen is stretched to destruction)

may be expressed as

er=In (ﬁ-‘i) (3.6)

where A is the final measured specimen area. The final area of each specimen is calculated
based on the "skewed bowtie” configuration given in Fig. 3.3. Due to the small cross
sectional area of the specimens cut from the tubes, accurate measurements of this areas
are not possible and more advanced techniques are required. The specimens cut from the
top plate are large enough for this type of analysis however more advanced techniques

are used for the sake of accuracy.

Initially, the values of each dimension in the figure (thy, th), th, and w). are determined
for both cross-sections of each top plate specimen and averaged. The failure stress is

calculated simply as

Ft

gy = —
As

(3.7)
where F; the tensile force at failure. Although Eq. (3.7) gives a reasonable approximation
to the stress at fracture, it does not account for the triaxial stress state of the material
at rupture. The classical method used to account for this is given by Bridgeman [109],
however this only applies to cylindrical specimens. For the flat dogbone specimens used
in this study, the MLR [110] scaling factor is used and is given by

Surr = 1 — 0.6058(¢; — €pea)” + 0.6317(&f — €noc)® — 2.1070(g5 — Enect)” (3.8)

where £,.¢ is the true strain where diffuse necking begins. The failure stress is therefore
multiplied by Eq. (3.8) to give the corrected failure stress of°*. The MLR method is still
not ideal as it assumes a constant stress state across the face of the specimen. As such,

more advanced techniques are employed.

thy
th,

W
-} -

Figure 3.3: Idealised geometry of the fractured surface in the tensile specimen.
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Although Eq. (3.8) can be used for a direct correction of tensile failure stress, the use of
tensile simulations is much more accurate. This is particularly true in the case of the thin
specimens cut from the thin tubes. In these cases predicting the failure stress and strain
is very difficult without the use of simulation due to the very small area of fracture and
unknown geometry of this area. Even with the larger top plate specimens the failure strain
will not be accurate as the resulting value will be an average strain over the fractured
specimen face. True failure strains can be approximated from simulation by examining
strains at fracture in individual elements. Material failure is not required for the present

study however such an analysis is included for a complete material characterization.

The simulation of quasi-static and dynamic tensile tests is a standard practice to verify
and validate constitutive models [111-117]. Of particular note is Wierzbiki and Lee [116]
where the authors utilized tensile test simulations to construct the post UTS stress strain

curve behaviour of high strength steel for use in blast simulations.

With the use of tensile test simulation, a trial stress-strain curve is first determined
which is simply a guess as to true constitutive behaviour of the material. The tensile
tests discussed in section 3.2.1 can then be simulated using finite element analysis. The
simulated specimen can be extended up to the point of extensometer extension in the
experimental tensile test. The resulting force-displacement curve is then compared to
the experimental curve. The trial stress-strain curve is then modified until the simulated
and experimental force-displacement curves agree acceptably well. Due to the different
damage mechanisms in the mild steel and aluminium specimens a different methodology

is carried out to find the trial stress-strain curves.

All tensile simulations use the experimentally obtained true stress-strain data up to UTS.
For the mild steed (annealed tubes and top plate), the post UTS behaviour is approx-
imated by projecting the tangent slope of the true stress strain curve up to a strain of
3.0. This strain is arbitrary provided it is larger than the true fracture strain of the
material. The tangent slope oy is computed by fitting a straight line through the final
ten points of the true stress strain curve up to the UTS. The slope of this line is taken as
the tangent slope. This is done as a starting point as it results in the maximum allowable
flow stress at any given strain after UTS. The slope of this line is then adjusted until the
experimental force-displacement behaviour is obtained. Specifically, the value of g in Eq.

(3.9) is adjusted until convergence is obtained.

o = poy ' (3.9)

The stress-strain curves are input into ABAQUS/Explicit in tabular form. The spacing
between all points up to a strain of 3.0 is based on using 100 points up to the UTS. This

gives a uniform strain spacing for a given material , however the spacing will be slightly
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different for each material. For all materials the experimental force-displacement curves

are compared to the experimental curve resulting in maximum tensile deflection.

The post-UTS behaviour of the aluminium specimens is significantly different from the
mild steel. Fracture occurs soon after UTS is reached and the slope is expected to
approach zero. To simulate this an approach similar to Lee and Wierzbicki [116] is used.
The true stress-strain curve from the experiments is used up to UTS and a power law of
the form A + Be™ is used for the post UTS behaviour. The trial curve is obtained by
using the stress at a strain of 0.5 as a control point. This stress is denoted as o;. The
values of A, B and n are then computed such that the stress at UTS and the slope at
UTS agree with the experimental curve and that the power law goes through the control
point. The stress at the control point is iteratively modified until reasonable agreement

between the experimental and computed force-displacement curves.

At this point is would be beneficial to discuss the finite element mesh used in the tensile
simulations. Fig. 3.4 shows the finite element mesh for the annealed mild steel used
in tensile simulations. The finite element model for all materials is essentially the same
with only small variation in the parallel width and specimen thickness. Note the gradual
increase in mesh density nearing the central point of the model. This is required as

localised necking significantly elongates the elements in this region.

Due to the high computation cost of tensile simulations, symmetry in the tensile specimen
is exploited to reduce the computational work at each time increment. It is is clear from
the Fig. 3.4 that symmetry boundary conditions are applied at the longitudinal and
transverse midsurface. In terms of the degrees of freedom this implies that uy = 6; =
6, = 0 on the bottom surface (s;) while u; = 63 = 63 = 0 on the front facing surface
(s2) in Fig. 3.4 where u; refers to nodal displacements in the 4 direction and §; refers to
nodal rotations about axis ¢. Symmetry is also applied on the midsurface in respect to
the thickness of the specimen. This implies us = 6; = 6, = 0 on the surface s3. Therefore

only 1/8% of the actual tensile specimen is modelled.
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Figure 3.1 Findte eloment mesh of 1/8% symmoetry specimen misddd gsed in tensile sim-
larions.

3.3.1  Mass Scaling

The aithcuity in simalating tenzile testz is that the testz have 2 long absolute time -
raticen wader guasi-static conditioms, TUsing ARAQUS Explicit with element-by-element

stability the time step 7z compited bosed on B, (100,
- |II ||rj . "| 5
admin | By v {23,180

lllll' /Il'l. - 2!”

whore L, is the characteristie element length associated with an elernent. The variables
Aand g oare the effectiveslamé’s constants for the material. Both of these constants are

propurtional to the Elastic Madulus of the material.

From L, (3,10} I ix clear thar the critioal time lncrentent is based on Lle material density
aad Leace thie elastic wave speed of e material, 1o overcome this difliculty, tlie method
uf tlass scaling is used where the density of the material i+ adjusted in crder 1o ohiain
a particular time step, With an incrensed elemenl mmass, the time required [or an elostic
wove To propasate throush an element s Diareased and hence a larper stable time step
can be used. 'This methodology mayv ouly be used at low velocities where inertin effects
are negligible, Artificially increasing the element mass wmtnences the inertin properties
just as using a higher rate of loacine, Even at low velocities, care must given to ensure
that a converpent sontion iz obtained. [ the mass acaling 18 too great in magnitude,
a solurion can be gbtained that is inaccurate due to inertia effects. This is particularly
difieult. in the rase of tensile test simulations as the mesh density changes siznificantly

a-rer localised necking.
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=T
=

T determine the ideal mass scaling a convergence study Is undertaken, The ideal mass
scaling parameters are sought which which give suitable resulls while maintaining
tractable completion time ob the camputiational facilities availible, To determine the
itlea. mawxs scaling scheme, {hree sealing schetmes are examingd for the initial case where
the slope of the true siress-sirain curve equals the tangent of the curve up to UTS. The
first. schemme involves a target time increment of 5 x 141 7 & with the time step updated
every 500 intervals. The secand scheme involves a target time inerement of 2 = 107
with the time step updated every 1N intervals. Finallv, a very small mass scaling acheme
is used where the the target time inecrement of 1 x 10 7 s with the time step updates
every LU itmervals, Tests at this fidelity are extremely computalionally expensive and
henes if Lhe stresssstraln curve al less expensive thodels vields reasonahble results, these

mazs scaling parameters should be uzed. These schemes are summarized in Table 3.4,

Table 3.4; Mass scaling schemes used in the conversence study of tensile simulations,

Sealing scheme Targer time increment (s) Intervals hetween updates
1 il 7 el S0
2 oL it
3 110 7 LU
450 T T T T T T T T T T
A0 =4

A~ A -
=
=
¢
=]
L o] S
P S -
— HMasz scalng - 1
- Makk scaling © #
- Mars scaling - %
Flrl) - : L

I L :
m 12 14 L4 L% 0 ‘2

[ F 4 & 5
Cisplacernent [rmm)

Figure 3.5: Plot of resulls of 1he mass scaling convergenee study.

Stmlations are condueted using each of these mass scaling schemes using a simulated
crosshead speed of approximarely (b3 m/s. The material used for the simulations is
the annealed mild steel. The densities of the top plate steel are the same and therefore a
separate convergence study is not required. The density of the aluminium is less than chat

of the steel and theretore mass scaling scheme used for the steel will be conservative for
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The stress at the transmitter bar/specimen interface is

Ut(t>Abar
05, () = ——tmeee 3.42
The use of Eq. (3.41) is termed a ‘2-wave analysis’ [120] as it uses information from
two waves (0, 0,) while Eq. (3.42) implies a ‘1-wave analysis’. The 2-wave analysis is
the stress at the front of the specimen and is inherently subject to large oscillations,
primarily near the yield stress. Therefore, the stress vs. strain curve is then constructed

by combining Egs. (3.38) and (3.42) which removes time as a variable.

3.4.4 Dynamic Test Results

The dynamic stress-strain curves, including the quasi-static true stress-strain curves for
each of the studied materials is given in Fig. 3.12. The curves are displayed such that
the maximum dynamic or static (up to UTS) strain is given. Note that the dynamic
compression tests for the aluminium specimens give much larger strains than the quasi-
static tensile tests. On the other hand, the thick top plate specimens give smaller strains

than the quasi-static tensile tests.

There is a large differential between the strain-rates tested, however all are of the order
¢ =~ 10% 51, The variation is due the required specimens sizes and strength of the materials
at high strain-rate. Tests are first done on the annealed mild steel specimens with impact
velocities appropriate to the bar diameter and specimen size. strain-rates in the range of
€ =~ 1800 — 3400 s! are tested. The range of strain-rates is obtained by varying the striker
mass and gas gun pressure. The wider range of strain-rates tested for the annealed tubes
over the other materials is due to the nature of the present application. Throughout this
study, the tubes are subjected to a relatively large range of strain-rates and therefore
it is advantageous to include more experimental data when determining rate dependent

model parameters.

Strain-rates above and below the previously described range are not possible for the given
specimen size and testing equipment. Larger strain-rates would require impact velocities
that are too large therefore risking the bar becoming plastic and in addition, excessive
compression of the specimens can give poor results. Similarly low strain-rates require a
much larger striker than the current gas gun can utilize. To obtain strain-rates in the
top plate specimens at the same magnitude as the thin annealed specimens would require
impact velocities that could damage the bars and strain gauges. To obtain these strain-
rates, thinner specimens would need to be machined. Testing the aluminium specimens

presents further difficulty due to the small specimens and low strength even at high
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the aluminium. The stress-strain curve used in the convergence study corresponds to the
post-UTS behaviour obtained from using the tangent slope at UTS up to a strain of 3.0.
Fig. 3.5 shows the results of the study. Of concern for the convergence study is of course,
if the numerical force-deformation curves converge. As can be seen from the figure, mass
scaling schemes 2 and 3 give very similar results clearly indicating convergence. As the
mass scaling scheme 3 requires several hours more computational time than scheme 2,
the time increment and increment updating scheme used for the simulations corresponds

to scheme 2.

3.3.2 Simulation Results

Tensile test simulations are conducted on the three materials used in this study. The
optimal curves are found by manual adjustment of the corresponding stress parameter
described in the previous section. The search for the optimal value is concluded when
the experimental and numerical curves agree visually. The true optimal parameters are
beyond the scope of this study as this would require complete mathematical optimiza-
tion. Fig. 3.6 shows the results of the tensile simulations. For each material, the initial
approximation and optimal force-displacement curves are given up the the onset of frac-
ture in the experimental curve. Exact curves are not attainable for any of the materials
as damage is not included in the model. This is acceptable as the resulting stress-strain
curves would not be significantly different and exact fracture strains are not required
for this study. Examining Fig. 3.6 shows that the force-displacement behaviour at the
onset of localised necking is captured well using the techniques presented here. For the
aluminium however, the optimal curve parameter captures the onset of localised necking
well but begins to diverge near the point of fracture. This is likely a result of not including

damage in the material model.

Although not directly relevant to the current study the fracture strain of the material
can be determined with reasonable accuracy using tensile test simulation. Eq. (3.6)
determines the average strain over the fracture surface. In reality, the strain is not uniform
across this surface when fracture initiates. Fig. 3.7 shows the plastic strain distribution at
the final tensile force measured by experimentation. For both steels the fracture strain is
approximately 200 % while for the aluminium the fracture strain is approximately 70 %.
For all materials the strain attains its maximum value at the centroid of the specimen and
decreases towards the outer surface of the specimen. The fracture strain has been shown
to be mesh sensitive however and therefore using this technique for fracture applications

requires the fracture strain to be presented as a function of element size.

Fig. 3.8 gives the final quasi-static true stress-strain curves obtained from experimenta-~

tion and numerical simulation. It is clear from these plots that the post-UTS hardening
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behaviour of the steels corresponds almost to the tangent slope at LTS It is also inter-
esting to note 1that the havdening is quite similar between botn steels nowever the vield
stress of the annealed steel 1s mucn lower.

Of note is that for the aluminiwm, the post ULS How stress shows ouly negligible strain
nardening, particularly when comparcd to tne steels. This is expected however as= the
material is a T6 temper aluminiam alloy.  For such alloys, researchers have assumed

norizomtal stress-stress straln curve

W

bevond UTS [2:8. Tor comparative purposes the
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Figure 3.7 Contonr plid of plastic strain localisation lor (a) Anunealed steel tnbes ()
Top plate steel and (e) Alnnininm tabes.
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Figure 3.8: Final true stressshrain curves obrained from experimencation and simmlation.
for the materials used n this study.

material model used by Langseth ef ol [11Y] for 2.0 mm GUG0-TH aluminium allay ex-
trusions is presented in Fig. 380 Tae model nsed 18 a bve parameter model where the

eqpuvalent plastic fow atress 18 obtained as

oy +ad+il—n)d—a, (3.11}
where

B :l i —r:;;,.] ] r—f«'zr'.-: (3.123
For the GU60-TH allow the material parameters are o 152 3T a; £ mELO0. O

19.24, €1 = 35.10 N/mm?®, @ = 54.00 N/mm?®, #, = 0. The alloy used in 119 is a G060
alloy anrl henee the initial vield stress is lower, however the hardening propertics at large

strains are sirmilar.
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3.4 Dynamic Material Behaviour

3.4.1 Test Apparatus

In order to characterize the dvnamical material properties for the materials used e this
shiely, dyvnamie matenal festing 15 undertaken using a Splic Hopkingon Pressure Bar
isHPB: Detailed deseriptions of the SHPB setup and theory arve documenter] extensively
i the Hrerature. A goad overview was developed By Gray [1200 while detaiis of the SHDR
used] for the current work can be tound in Marais |121]. For the carrent work an existing

SHBP system is used, The experimontal schematic 15 giver in Fig. 3.9

Gas fun

Speed rap  Enker liwsze | L Gpemen Trarsenller b
[ ] — = = 1
Slrar gauw: Slrain g
: s Cata Sicval
Caclllscose H dryy. =-lion 20 wrradil s
e
Fipure 4.8 Scaematie of the SITPL Gest apparadoé tsad in Lo work

The gas gun bas anassoctaned pressure valveshat can laynch the striker using the specified
pressure, A speed trap s aulached s the barrel of the gun which transmits a stgnal to
wn oseilloscope, Az (e distunce betwoeen trap potnls s known (81 o the veloeity of
the projectle can be obtained, s 15 sipnilicant lor calealating the calibration [aclor of

the syvsteimn.

Tae eross-sectional diswmeter of the striker 38 18.03rmn ancd for most tests has a mass of
o4t 4 g however some of the tests ave conducted using o longer striker of mass 564.7 o,
Thae ineident awd tyansmitter bars are denticas and have a length of 20 we amd a cross
sectional diameter of 2000 mum. The bars are constructed usine silvered stecl. Surain
ganges are riounted longitudinaily on the incident and fransmitted bars,  Tle sirain
palires are positiored precizely L0 m [ram (he face wdiacenl to Lhe specimerns Thae s
are then mounted to the svstern using bearing and sudenment fxiores hal aliow Lae bars
to move freely while malntainihg precise axial alignment, The voltases recosded s the
strain gauges are transferred through ar ampifier and recorded by the dasa acquizition
B

Cvlindrical spocimens are et trom al wmaterials. For specimens ¢ut from the alurninium
and anressed runid st tubes the rominal specimen dismeter is dy = 4.0 mm with
notnnal lengih f = 2.0 . For the specimons cut from the sop plate the dimensions

are nowinally oy = 5.0 mm oand I = 480 mm. The dimensions for the tube samples
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correspond to optimal dimensions given by Gray 120 based on nunimization of Lhe error
due to Lomeitudinal and radial inertia. This Tequirement gives the relationship
g Ao i
il 1'LI — (318
f.'r:] : J.
whete fn aned dy ave Lhe el specimen length o wnd dinmeter respeetively and i the
prazsson rudio of the test material, For materszl sty @ = 0233 this gives an optieal ratio
ol Iy fdy = 0.0, Using tads radiv for tae top plate specimens bowever s ool possible as the
speciinen (o bar diameter becotnes 1oo arge Lo cnsweee Chat bar will not beeone plastic

during the tesr,

3.4.2 Cabbration of the SHPB

In order to conver! Lhe voltage sigrel [rom the struin gaugeshe calibration taetor &
of the avatem must b devermined. Three methods ard prestuted here o determining
K, For each set of tesis thar are conducted, all 1hreeBetaods are used Lo delerpine &
as a check to ensare the there are no problems with tae sctap. For o caltbration lesl,
the SIITD is set up as w1 Fig. 3.9 except thod thacre 1 no specimer acd the two baes
perteet contact effectively residring inone lone bare he projectile 2 Bred al wre arbilrary
voelowdby auned chis velocluy is recovded by Al speed trap. The reseleng stignal inoeach bar

1s tvpical of tand In Fig, 3. 19

4 ¥ Eh h - e z 2 :
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Frgare 3.1 {a) Typical voltage sigual used ~o culibrate the SHTR. (b)) Tulse idealisation
used in determining elastic wave spoed.

Firstlv, the theoretical calibralion famor s preseoled. T cun be shown that siress s
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related to the voltage in the strain gauge by

4E‘bar

)= | —22
J( ) |'GamngfN‘/in

} Viead (t) (3.14)

where Eyp,: is the Young’s modulus of the bar. For the setup used in this study, the
remaining constants are Ky = 2.11, N = 4, Gop = 1000. Therefore

Ebar _
o(t) = {mmfij Viead(t) = KinVieaa(t) (3.15)
where
Ebar
1
110V, (3.16)

Therefore the theoretical calibration factor is dependent only on the Young’s modulus of
the bar and value of V;,(¢) which is read directly from the test equipment. The advantage
of this calibration factor is that it is not influenced by dispersion and requires no extra
tests to be carried out. It is however highly dependent on the accurate calculation of

Fyar. The determination of this value is discussed later in this section.

The second calibration factor used is the momentum balance calibration factor K om-
This calibration factor is based on the momentum of the striker before and after impact

with the incident bar. The rebound velocity of the striker is calculated as

ds 1
Ap
Ureb = v 3.17
b 1+ _ﬁ_: 0 ( )

where As and Ap are the striker and bar cross sectional areas respectively and vy is the
initial velocity of the striker as measured by the speed trap in Fig. 3.9. The total impulse

transferred during impact is given by
I= Mstriker(”O - 'Ureb) (318)

where M iker 15 the mass of the striker. It can then be shown that

iz to

I =/ Apo(t) dt = Ameom/ Vieaa(t) dt (3.19)
{1 t1

where #; and ¢, are the start and end times of the incident pulse. The exact start times of

the pulse are difficult to determine. In order to obtain a consistent method, the incident

pulse is integrated until the integral begins to decrease (loss of momentum). This may

slightly underestimate the integral of Eq (3.19), however this amount is insignificant.
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Therefore

I

Kom = A 12 Vv
b t read(t) dt

(3.20)

This calibration factor is strongly influenced by the calculation of the rebound velocity

Urep, and on the dispersion present in the incident signal.
The final calibration factor is the stress calibration factor K. The stress in the bar at a
given time is given as

Oy = ;OCO'Ub ’ (321)

where p is bar density, v, is the particle velocity in the bar, and Cj is the speed of sound

in the bar given by

Ebar
Co= 4] — 3.22
0=1/ ; (3.22)

The maximum stress in the bar is obtained when the particle velocity is v, = v / (1 + 2_2) .
Therefore, the maximum stress in the bar is given by
PCoUoﬁ—:

=T 04 3.23
14 4= (3.23)

max

Oy

The average maximum voltage Vo2 is found by integrating the voltage over the pulse

duration and dividing by the pulse duration. Therefore the stress calibration factor is

given by
O.max
K,= -2t 3.24
Vi (3-24)

The final consideration is the calculation of the sound speed Cy and hence the Young’s
modulus of the bars. An accurate method for doing this is to use the incident and
transmitted pulses of Fig. 3.10. The distance between the strain gauges on the incident
and the transmitter bars is 2.0 m. If the time between pulses is determined from a
calibration test, the elastic wave speed is therefore known. Unlike the previously described
impulse calculation, determining the exact start time of the pulse is essential. To do this,
the rise component of the incident and transmitted pulse is fitted with a straight line as
shown in Fig. 3.10b. The point of crossing with the time axis is taken as the start of the
pulse. This will slightly overestimate the start time of each pulse however we are only
interested in the time differential which is very accurate using this method. Once Cj is

determined Eq. (3.22) is then used to compute the Young’s modulus.
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Lable 3.5: Calibration data and bar propeeties used in the SHPE experimemal setug,

Test VlN) Gy imfs) B (GPa) By (MP&Y) Ko iMPasV) K, (MP:/V)

(1

l 2,54 H132 2036 o 342 drim
2 200 R140 2007 AK.72 STdE SfEL
3 2.53 il 205 3HAT A7 AT.H0
Ava, - 130 206 - 4741 3705

Table 3.5 wives the caleulated bar properties and calibration Baeiors nsed i this work
The resultine values of Oy atdd £, coreespond well with published values of silvered
steel. Also of note is the pood correlation between the ealibration factors. This provides
a high level of confldenee that the SHUPE system s confizured correctly. The theoretical
calibration factors will vary dependiag on the smphhcation of she voitage theongh the
steain fuages. It is therelore much more important that the calibration factors are similar
within a single ealibration test. The three calibration rests were conducted at different
testing sessions, The second session lnvoelved the sclual niaterial test nsed i this study,
The first is shown for repeatability. Lhe meeninm- calibration Tactor 1s the constant
used tor compure the stress-slrain curves iz the ellowing seetions. This is because the
momentum casibration Iactor most closciy resembles the actnal conditions within the bar
A5 opposed to theoretical values sssceiatéd with the the strin ganzes. Ay mizalignonent

of the ganges wiil not be reflected using 1he theoretical vilu.

3.4.3 SHPB Daila Analysis

This section deseribigs the procedures used to analyze the data rom the SHPB aned hence
cobstruel dyoanie stress-strain curves for the test materials. To begin, a beiel derivation
of the prinary SHIPPB eguations 1= given. The derivations are based on elemontary one-
dirnensional wave propagation theory, For elasne bars sueh as those nsed here, the theory

i# very well nnderstood and can be found easily in the litesatupe 121 [122

a, - E— o
P i £ S| izt o
Irzidars bar | e Transrillar bin
—— Rl ]
e — —
] bz
7 LTS

Figure 3.11: Schemartic of the SHPEB with stresses 1o the bar and speciinen variables

Frow elemmentary wave theory, the oue dimensional wave equation is given by the seconid
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order partial differential equation

&%y 1 6%u

Where Cj is again the sound speed in the bar. The general solution to Eq. (3.25) is given

as

u(z,t) = flxz — Cot) + gl — Cot) = u; + 4, (3.26)
which reduces to

u(z,t) = flx — Cypt) (3.27)

if considering wave motion only in the positive x direction as given in Fig. 3.11. The
strain in the bar is therefore found by differentiating Eq. (3.27) to get

_ Oulz,t)

e(a,t) = =L = f (3.28)

Similarly, the particle velocity in the bar is given as

ou(z,t)

v(z,t) = 5

=—C,f (3.29)

where f’ denotes the derivative of f with respect to z = z — Cyt. Substituting Eq. (3.28)
into Eq. (3.29) gives

Ou ou
5 = ~Cog- (3.30)

which clearly reduces to

v = —Cye (3.31)
Making the substitution o = Ee and E = CZp reduces this equation to

o= —pCqv (3.32)

The negative sign indicates that a tensile pulse moves in the positive z direction, however
the standard convention in wave theory is take compressive pulses as positive and hence
the negative sign is removed. The particle velocities Av;, Avy, Avy due to each of the

pulses indicated in Fig. 3.11 can then be written as
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where each of the stresses is found by multiplying the voltage signals by the theoretical
calibration factor K. The velocity of the specimen at the incident bar/specimen interface
vy is simply the sum of the particle velocities induced by the incident and reflected waves.

In terms of the stress signal this gives
— [o:(t) — 0. (t)] (3.34)

Integration of Eq. (3.34) gives the displacement at the incident bar/specimen interface.

This gives

i (t) = /O Cna(t) dt = pico /O (04(8) — o2(8)] dt (3.35)

Similarly, the displacement at the transmitter bar/specimen interface is calculated as

l £
1) = w t) dt 3.36
wlt) = = [ ot (3.36)
The instantaneous length of the specimen is therefore
L(t) = lo — ua(t) + ua(t) (3.37)

The strain in the specimen can now be determined using Eq. (3.38)

e(t) = /l l; il Inly —Inl(t) = In (lsl(ot)> (3.38)

The strain-rate is then calculated as

-5 -a (@) - - o

Finally, to obtain the true stress in the specimen, incompressible plasticity is assumed

therefore Agly = As{t)ls(t) where Ay is the initial cross-sectional area of the specimen
and A,(t) is the instantaneous cross-sectional specimen area. Therefore the instantaneous

area of the specimen is

loAg

Aty = —= 3.40
(1) = 158 (3.0
The stress at the incident bar/specimen interface is then
[03(2) = 0:(t)] Avar
s = A1
70 (1) YO, (3.41)
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The stress at the transmitter bar/specimen interface is

05y (t) = gﬂ)é% (3.42)

s
The use of Eq. (3.41) is termed a ‘2-wave analysis’ [120] as it uses information from
two waves (0;,0,) while Eq. (3.42) implies a ‘1-wave analysis’. The 2-wave analysis is
the stress at the front of the specimen and is inherently subject to large oscillations,
primarily near the yield stress. Therefore, the stress vs. strain curve is then constructed

by combining Eqgs. (3.38) and (3.42) which removes time as a variable.

3.4.4 Dynamic Test Results

The dynamic stress-strain curves, including the quasi-static true stress-strain curves for
each of the studied materials is given in Fig. 3.12. The curves are displayed such that
the maximum dynamic or static (up to UTS) strain is given. Note that the dynamic
compression tests for the aluminium specimens give much larger strains than the quasi-
static tensile tests. On the other hand, the thick top plate specimens give smaller strains

than the quasi-static tensile tests.

There is a large differential between the strain-rates tested, however all are of the order
¢ ~ 10% s'!. The variation is due the required specimens sizes and strength of the materials
at high strain-rate. Tests are first done on the annealed mild steel specimens with impact
velocities appropriate to the bar diameter and specimen size. strain-rates in the range of
€ &~ 1800 — 3400 s are tested. The range of strain-rates is obtained by varying the striker
mass and gas gun pressure. The wider range of strain-rates tested for the annealed tubes
over the other materials is due to the nature of the present application. Throughout this
study, the tubes are subjected to a relatively large range of strain-rates and therefore
it is advantageous to include more experimental data when determining rate dependent

model parameters.

Strain-rates above and below the previously described range are not possible for the given
specimen size and testing equipment. Larger strain-rates would require impact velocities
that are too large therefore risking the bar becoming plastic and in addition, excessive
compression of the specimens can give poor results. Similarly low strain-rates require a
much larger striker than the current gas gun can utilize. To obtain strain-rates in the
top plate specimens at the same magnitude as the thin annealed specimens would require
impact velocities that could damage the bars and strain gauges. To obtain these strain-
rates, thinner specimens would need to be machined. Testing the aluminium specimens

presents further difficulty due to the small specimens and low strength even at high
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3.5 Plasticity Model

As the quasi-static and dynamic behaviour cannot be measured at all strains and strain-
rates, mathematical models must be employed to be used in computational tools. Once
the parameters of these models are identified, continuous functions are obtained de-
scribing the constitutive behaviour of the materials. Various models are considered and

described here.

3.5.1 The Johnson-Cook Model

The constitutive behaviour of the top plate steel is modelled in ABAQUS/Explicit using
the the Johnson-Cook plasticity model [123]. The Johnson-Cook model is often used
in modelling of large deformation and failure problems in isotropic plates and hence is
suitable for the current application. A further advantage is that the Johnson Cook model
is included with ABAQUS/Explicit and thus does not require a user created VUMAT.
The material flow stress is described as function of equivalent plastic strain, plastic strain-

rate, and temperature by

= [A+ By [1 +Cln (ffﬂ [1— 7™ (3.43)
where
T-T,
™ — _ . room 4
I:(Tmelt - Troom)} (3 4)

In the first term of Eq. (3.43), & is the equivalent plastic flow stress as defined by the von
Mises yield criterion and &, is the equivalent plastic strain. The parameters A, B, and
n are material constants which are discussed extensively in the following sections. For
the second term C' is the strain-rate constant for the material at the reference strain-rate
£o and £, is the instantaneous equivalent plastic strain-rate. The third term models the
effect of temperature on the yield stress where T is material temperature, Tyey is the

melting temperature of the material and m is the thermal softening fraction.

The parameters A, B and n in Eq. (3.43) describe the quasi-static constitutive behaviour
at the reference strain-rate €3. The parameter A is the yield stress as defined by the
Johnson-Cook model as it is the flow stress at zero plastic strain. This value ‘does not
necessarily need to correspond to the yield stress on the true stress-strain curve as a lower
value may provide a more accurate curve over the entire plastic range. The values B and

n represent the strain hardening parameters of the material.
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3.5 Plasticity Model

As the quasi-static and dynamic behaviour cannot be measured at all strains and strain-
rates, mathematical models must be employed to be used in computational tools. Once
the parameters of these models are identified, continuous functions are obtained de-
scribing the constitutive behaviour of the materials. Various models are considered and

described here.

3.5.1 The Johnson-Cook Model

The constitutive behaviour of the top plate steel is modelled in ABAQUS/Explicit using
the the Johnson-Cook plasticity model [123]. The Johnson-Cook model is often used
in modelling of large deformation and failure problems in isotropic plates and hence is
suitable for the current application. A further advantage is that the Johnson Cook model
is included with ABAQUS/Explicit and thus does not require a user created VUMAT.
The material flow stress is described as function of equivalent plastic strain, plastic strain-

rate, and temperature by

0
where
T-T,
* room “
g {<Tlnelt - Troom)] (3 )

In the first term of Eq. (3.43), & is the equivalent plastic flow stress as defined by the von
Mises yield criterion and &, is the equivalent plastic strain. The parameters A, B, and
n are material constants which are discussed extensively in the following sections. For
the second term C' is the strain-rate constant for the material at the reference strain-rate
£o and &, is the instantaneous equivalent plastic strain-rate. The third term models the
effect of temperature on the yield stress where T is material temperature, T . is the

melting temperature of the material and m is the thermal softening fraction.

The parameters A, B and n in Eq. (3.43) describe the quasi-static constitutive behaviour
at the reference strain-rate 5. The parameter A is the yield stress as defined by the
Johnson-Cook model as it is the flow stress at zero plastic strain. This value does not
necessarily need to correspond to the yield stress on the true stress-strain curve as a lower
value may provide a more accurate curve over the entire plastic range. The values B and

n represent the strain hardening parameters of the material.
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3.5.2 The Cowper-Symonds Model

An alternative method to the Johnson-Cook model was used in the publications regarding
the numerical simulations of the panels [124] [125]. In these papers the Cowper-Symonds
relation is used which models the strain-rate sensitivity of the material. The ratio of

dynamic to static flow stress is given by

% _ {1 + (%) ] (3.45)

where o4 is the dynamic flow stress at the uniaxial plastic strain-rate £, o is the static
flow stress and D and ¢ are material parameters. This methodology for strain-rate de-
pendence can be combined with an appropriate hardening model. In the aforementioned
papers, Eq. (3.45) was combined with tabulated values from tensile tests for a similar
steel. This was a reasonable approach for these studies as they are intended to com-
pare the numerical behaviour of different panels and not to simulate experimental tests.

-1

The values of D and ¢ is these papers is D = 844 s7 and ¢ = 2.207 which were found

experimentally using locally obtained mild steel [122].

3.5.3 Alternative Constitutive Models

The models given in the current section are not used in the panel simulations but are
presented for completeness and to illustrate the difficulties in the constitutive modelling

of materials and possible solutions to these difficulties.

The use of the Johnson-Cook formulation given in Eq. (3.43) presents several challenges
related to strain hardening and strain-rate hardening. Firstly, the Johnson Cook model
is only considered valid at high strain-rates (¢ > 1.0 s!). An example of how to overcome
this is given by Kang et al. [126] where a quadratic relation given by Eq. (3.46) is used.

K 3 2

&g &g

The current study induces large strain-rates (£, =~ 10° — 10* s} and therefore the classic
Johnson-Cook constitutive equation is applicable. The second difficulty is that the John-
son Cook model is only ideal for metals that exhibit divergent plastic flow curves. That
is, materials which show increased strain-rate hardening with increased plastic strain. Xu

et al. [127] proposed a solution to this using the modified Johnson Cook model given by

& = Be?, [1 +Ce%n (@ﬂ (3.47)
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Another model examined in this study to uncouple the strain-rate hardening and the

strain hardening is given as

7= {A {1 +Cln (@H + 3531} (3.48)

€g

The final model which was considered in this study is given by

g=[A+ Ba*gl] + {C‘ In (i—‘:)} o (3.49)
where oy is the flow stress at the reference strain-rate £,. As with Eq. (3.48), this
constitutive equation uncouples the strain-rate and strain hardening but has practical
advantages. Firstly, the C value calculated is the same as that in the classical Johnson-
Cook model which allows for comparisons with published values. Secondly, the C value
can be computed using only the raw experimental data. In using Eq. (3.48), the refer-
ence stress-strain curve must be expressed using using the Johnson-Cook model before
computing C. As the scaled test data is directly used in the computational model, fitting
a curve through the data is unnecessary. It is clear that the models described by Eq.
(3.48) and Eq. (3.49) best model materials where the dynamic stress-strain curve can be

obtained from a translation of the quasi-static curve.

Soderberg and Sellgren [128] investigated several constitutive models, including some
of the models presented here, applied to dynamic axial crushing of dual phase steels.
They found that despite the large differences in the models at the continuum level, the
strain hardening component of the models showed little effect on the energy absorption
properties of the tubes when simulated using the FEM. They concluded that the ability

of the model to capture the strain-rate effects of the material is of much more importance.

3.5.4 Modelling of Thermal Softening

The final consideration of the material model is temperature dependence. Large plastic
deformations in the tube wall and top plate generate high temperatures which softens the
material thereby decreasing the flow stress. The change in temperature from adiabatic
heating in the material when increasing the equivalent plastic strain from &, to &y0+ A&
is given by Eq. (3.50).

n Epo-+A&p
AT = / 7(&p) dép (3.50)

PCsp Jepo

The parameter 7 is the inelastic heat fraction which is taken to be 0.9 for this study. The

parameters p and ¢y, are the material density and specific heat respectively. The effects
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of temperature on the flow stress can then be modelled using any constitutive model as
Tremp = 0 [1 — T*™] (3.51)

where Gyemp is the flow stress including thermal softening and T is given by Eq. (3.44)

and the thermal softening fraction is given by m.

In Theobald and Nurick [124] [125] an alternative method for temperature dependence
was used for the tubes and top plate. This method was proposed by Masui et al. [129].
The effect of temperature on Young’s modulus is given by Eq. (3.52) and the effect on
the equivalent flow stress is given by Eq. (3.53). '

Bl 207 x 10° — (58.34 x 109)T T < 600°C (3.52)
3.1 x 10°(T — 1000) + 97 x 10° 600°C < T < 1100°C '
7 T < 200°C
Gromp = [1 — 0.00178(T — 200)] 200°C < T < 700°C (3.53)

5[0.133 — (T — 700)3.884 x 10~4] 700°C < T < 1000°C

Egs. (3.52) and (3.53) describe the temperature effects as piecewise polynomials that are
linear in 7. The coefficients were determined by Masui et al. [129] by fitting experimen-
tally obtained data from hot rolled mild steel. In this model Young’s modulus decreases
linearly for all T > 0 however the Hlow stress in unaffected for all T < 200 °C. This
temperature model is not used in the present work however, as the variation in the steel

manufacturing needs to be accounted for.
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3.5.5 Model Parameters

This section describes the methodology used in obtaining the parameters required for
the previously described models. Table 3.6 gives the remaining material properties which
do no relate directly to the these constitutive models but are still required for analysis.
Note that the yield stress oyieq is included however the explicit value of this stress is not

needed for computation but is included for sake of comparison.

Table 3.6: General material properties for all materials.

Material p (kg/m?®) v E (GPa)  oyaa (MPa) ¢, (J/kg°C)
annealed steel 7850 0.30 200 223 452
top plate steel 7850 0.30 200 287 452
6063-T6 aluminium 2710 0.33 67 188 920

3.5.5.1 Tube Materials

For the annealed mild steel the strain-rate is modelled using the Cowper-Symonds relation
given by Eq. (3.45). The aluminium is assumed to be strain-rate insensitive. To obtain
the constants the curve fitting toolbox in Matlab is used. Firstly, the stress as a function
of strain-rate is determined at a single strain value. The stress values are obtained at
a strain of ¢ = 0.12. This corresponds to the smallest possible strain after ringing up
of the specimen during dynamic tests. The smallest strain value is used in order to
minimize temperature effects on the flow stress. To account for the oscillatory behaviour
the curve is integrated over the range € = 0.12 £ 0.01 to obtain the mean stress over this
range. Stress values at low strain-rate (¢ = 8.33 x 107* s and ¢ = 8.33 x 1072 s7') are
obtained from the tensile test results given is section 3.2.3. The higher strain-rate tensile
test is required to create a control point between the quasi-static result and the high
strain-results from the SHPB results. As discussed in section 3.4.4 there are two distinct
strain-rate regimes resulting from the SHPB tests. The resulting points are shown on a
log scale in Fig. 3.13a. Optimal values for D and ¢ are determined using least-squares
techniques. Specifically, the optimal parameters are found by finding the best fit D and
g being sure to include the scaling of the quasi-static stress down to the static value. The

resulting optimal values for D and g are determined to be D = 2731 s! and ¢ = 3.419.

The resulting curve is plotting against the experimental data in Fig. 3.13a. From the
results it is apparent why several interior data points are required to get an accurate
strain-rate model. The higher strain-tensile test result provides the required ”flatness” of

the curve at low strain-rates. The two sets of dynamic test results ensures the slope of the
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For both the anncaled stee]l and aluminium the material softening due to temperature
is modelled using Eq. (3.5.). The melsing temperature 1, [or the steel is taken to
be 1527 °C waick eorresponds to commenly aceepted values in the Jiterature [113, 131].
For 1ne aliminium the melting temperature is 600 “C which is pravided by the tube

manufacturer,

For this maodel the only parameter Lo be oblaised is m. Ideallv, quasi-static isothermal
tensile tests would be conducted 1o ablaia this value nowever such tests are nol possible
at present using local facilities, For Lthe aluminium, m is taken to be m = 1.0 which
cotrespouds to a lincar decrcase in vield stress from room temperature o zero of e
melting femperainre. This value is commanly used for marerials where Lempera ure
dependence is vot kaown explicitly A value of m = 1.0 was used by Park ef af, 132] and

Dablousi and Nemes |133] however values suck a3 m = 0,509 [134]. 1 = 0.703 [135 , und
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m = 1.131 [136] have been reported.

To obtain an approximate m value for the annealed mild steel one can examine the original
test data from the SHPB tests. Fig. 3.14a gives the stress-strain curve scaled using the
Cowper-Symonds relation at a strain-rate of 3362 s which corresponds to the average
of the dynamic stress-strain curves shown in the graph. It is clear that the modelled
curve begins to diverge at strains beyond 12%. If thermal softening is included however
using an m value of 0.7 the resulting curve follows the experimental curve reasonably
well which is also shown in Fig. 3.14a. For this curve, the stress-strain behaviour is
created incrementally using Eq. (3.50) to determine the increase is temperature for a
given increase in strain. The temperature dependent stress is then scaled according to

this increase in temperature.

It should be noted however that this thermal softening value may be slightly artificial in
that the material appears to show no increase in hardening with increased strain-rate.
The smaller m value is therefore partially due to compensation for the limitation of the
strain-rate model. Uncoupled models such as that given by 3.49, which result in a curve
parallel to the quasi-static curve were considered. Although such uncoupled models give
a more accurate fit to the experimental data, their implementation in ABAQUS requires
the use of a VUMAT which significantly increases the computation time. In addition to
this, without complete temperature dependent experiments determining the influence of
thermal softening on the ”flattening” of the dynamic curves is difficult. For these reasons,
the uncoupled models are not used here. The value of m = 0.7 is however, well within
the range of published values for mild steel however [113,131,137]. Of particular interest
is the study by Campbell and Ferguson [138] where the authors study the temperature
dependence of mild steel annealed under identical conditions to those of this study. Al-
though the study predates the Johnson-Cook temperature model, the authors found a
significant influence of temperature, even at temperatures below T' < 200 °C. It also
should be considered that that the thermal softening parameter is obtained using data at
a much higher strain-rate than is commonly used in the literature. Temperature sensitiv-
ity has been shown to increase at higher strain-rates [139]. The stress-strain curves for
the annealed mild steel and aluminium at various temperatures according to Eq. (3.53)

are given by Figs. 3.15a and 3.15b respectively.

Table 3.7: Strain-rate hardening and thermal softening parameters for the tube materials.

material D (s1) q m Troom (°C) et (°C)

annealed steel 2731 3.419 0.7 23 1527
6063-T6 aluminium - - 1.0 23 600
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Fignre 3.14: Comparison of material models with experimental data ineluding tempera-
ture effects for (a) Annealed steel tubes and (b) Lop plate steel, For bath figures, models
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curves for the material,

3.5.5.2 Top Plate Steel

Far the top plate steel, the complete Johnson-Cook maodel 15 used. The values of A0 B,
and n ave ablained by Outing the first comaponent of Eq, (3.43), in the least squares sense,
through the quasi-static results obtained from teasile tests and simulations. The model
pararmelers are ablained by curve fitting up o 50059 stradn gsing the curve Outing toalbox
i Matlab, As the exacr vield stresz is not significaul Iov the present analvsis the @it is

obtained without constraint of the value of A, Thiz glves a toore acenrale Ot over the
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Figure 3.15: True stress-strain curves at various temperatures for (a) Annealed steel
tubes and (b) Aluminium tubes.

complete curve but results in the A value having no physical meaning. The Johnson-Cook
model fitted to the quasi-static data is given in Fig. 3.14b. The resulting Johnson-Cook
constants are given in Table 3.8.

To compute the strain-rate constant C' in the Johnson-Cook model, the flow stress is
related to strain-rate as shown in Fig. 3.13b. Least-squares techniques are then used to
find the optimal C value assuming a reference strain-rate of &3 = 1.0 s''. If the reference
strain-rate is taken as the quasi-static test strain-rate, the linear (in log space) behaviour
will significantly overestimate the stress at low strain-rates while underestimating the
stress at large strain-rates. This reference strain-rate is commonly used in studies that

employ the Johnson-Cook model.

The thermal softening parameter m is taken to be 1.0 for the top plate steel. As previously
mentioned, this gives a linear softening of the material with no load carrying capacity at
the melting temperature. This m value is used by Park et al. [132] with similar values used
in other studies as previously discussed. The quasi-static curve scaled to a strain-rate of
1664 s! and is plotted with and without temperature in Fig. 3.14b. The results show
that the computed curve slightly overestimates the experimental curve indicating that a
non-unity value of m may be preferred. As with the annealed steel, with discrepancy is

likely due however, to the strain hardening not scaling with strain-rate.

For comparison with published models and constants the model proposed by Zhao [140]
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is included in Fig. 3.14b. This model, excluding temperature effects is given by

= A+ By + (C — D)t log (?) + E&y (3.54)
0

The parameters given in Zhao [140] for hot-rolled mild steel are A = 145 MPa, B =
550 MPa, C = 35 MPa, D = 45 MPa, £ = 185 MPa, n = 042, m = 0.3, and
k = 0.3. Examining the the plot of the model with these parameters and comparing
to the experimentally obtained curves at high strain-rate it is clear that there is very
good correlation. Note that these values are the values determined by the author for
their steel and not parameters fit to the steel used in the current study. This gives a
high degree of confidence that the experimental material behaviour determined in this
study is accurate. Comparing the model proposed by Zhao clearly shows the difference
in hardening between models that have uncoupled the strain-rate and strain hardening

from those that couple the two phenomenon such as the Johnson-Cook model.

Table 3.8: Johnson-Cook material constants for the top plate steel.

A (MPa) B (MPa) n C m Troom (°C) Tert (°C)

254.5 461.7 0.5201 0.0834 1.0 23 1527




Chapter 4

Panel Design and Finite Element
Model

4.1 Introduction

In this chapter the conceptual and numerical modelling considerations of the panel are
discussed. Specifically, the global panel design and corresponding design variables are
presented. The finite element model is also presented including the blast loading model.
All finite element analysis conducted in this thesis use the explicit finite element code
ABAQUS/Explicit. Dynamic finite element codes can be grouped according to their
time integration scheme, however all codes discretise the time duration of the structural
response into discrete timesteps. Implicit methods assume nodal accelerations vary lin-
early over a timestep and have the advantage that relatively large timesteps can be used.
Large scale matrix inversions are required using implicit techniques and hence are more
suitable for relatively long duration dynamic events. Explicit finite element codes assume
a constant acceleration over a given timestep resulting in trivial matrix inversions at the
cost of requiring very small stepsizes. Such methods are more suitable for short dura-
tion responses such as blast loading of small scale structures. In explicit time integration
methods, nodal velocities are updated at each time step using velocities and accelerations

only from the previous time step using the central difference method.

All finite element modelling in this thesis is implemented by interfacing the Python script-
ing language with ABAQUS. Specifically, all models, including geometry, loading, ma-
terials, meshing and output extraction is done through the creation of Python scripts.
As a result, implementing parametric design studies, and possibly complete optimisation

studies requires significantly less work from the user.

81
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4.2 Panel Design

The global design of the panels is discussed here. In the design of the proposed panels,
several factors must be considered. At the most general level, the number of tubes within
a panel and the placement of the tubes within a panel must be considered. Optimization
of the number of tubes within a panel is a difficult problem within the field of integer
programming and is beyond the scope of this thesis. For this reason, three sets of panels
with four, five, and nine tubes are chosen for investigation. Fig. 4.1 shows the layouts

used in the study. These numbers are based on several factors. Firstly, symmetry of

', O||'o 1 of|o'n o

‘ ' __3[5}_2_m A
[ O g oo oo

Panel A Panel B Panel C

Figure 4.1: Schematic of tube layouts used in the study. Dashed lines indicate where
symmetry is used in the FEM model.

the panel is essential to ensure equal distribution of the loading to each tube. Secondly,
dimensional requirements of the tubular elements limits the number of tubes that can be
included in a panel. Specifically, a large number of tubes in a panel of a given thickness
would require slender tubes which are either unavailable or would require aspect ratios

exceeding reasonable values to ensure global buckling does not occur.

Within each panel, the position of the tubes varies along a line 45° to the horizontal.
The variable A = X\;/), where A; and Ay are shown in Fig. 4.1, is introduced as the
parameter defining tube position along this line. The term ), is the distance from the
panel centre to the centre of tube 1. The position of all tubes are therefore defined by
this parameter. The tube numbering used throughout the thesis is given in Fig. 4.1.

4.2.1 Tube Design

The tube design and dimensions are given here. The tube length ! for all panels is
fixed at 75.0 mm. This length is chosen based on preliminary numerical investigations.
The results obtained from these simulations are then compared to the limitations of the

experimental blast facilities at the University of Cape Town. Ideally, the length used
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Fignre 1.2: Schematie of the cross-section and longitudinal design of the tubes used in
the sandwich construction.

The crosssectionn] and Inngitudinal design of cach tubee s given In Figure 1.2, The widch
ol each tibe i delined as the mean width, that is, che distanee between the midplanes
of appesing tibe walls, Using this definition of tnbe width allows the thickness of the
tube walls to be modiliod without altoring the mean aspeet ratio. The aspect ratio of all
tubwes 18 delinsd as the length of the tube between the top and bottom plates divided by
the mnean widch, Lhat is, H = 1/w,. The design variable £, denotes the wal. thickness of
the tubes. T'he values of A numerically and experiinencally investigated are given n the

respectivie seetions,
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4.3 Finite Element Model

4.3.1 Element Selection

The tube walls are modelled in ABAQUS/Explicit using the S4R shell elements. These
elements are 4-node quadrilateral, doubly curved, thin or thick shell elements with re-
duced integration and hourglass control. The elements are formulated for finite membrane
strains and are suitable for large strain behaviour. Integration through the shell thickness
is through Gauss quadrature with five integration points. Gauss quadrature gives much
more accurate solutions over Newton-Cotes methods such as Simpson’s rule using the
same number of integration points. This comes at the cost of not having the solution
to state variables at the shell surfaces. For the present study this is not a necessary

requirement and hence Gauss quadrature is used.

The top plate is modelled using &-node linear brick continuum elements with reduced
integration. These elements are labeled C3D8R in ABAQUS. For the shell and contin-
uum elements each node has translational degrees of freedom denoted as u,, uy, v, and

rotational degrees of freedoms 4,,0,,0,.

4.3.2 Panel Model

The present study investigates two distinct panel models, differentiated only by the initial
imperfections, or triggers. The first model uses circular holes as described in the previous
sections. Specifically, all panels are designed such that the hole diameter is 0.25//R. This
model is used extensively in chapter 7 and to a limited extent in chapter 6. The second
model used in numerical simulations is specific to the experiments of chapter 5 and is

discussed in that chapter.

Each tube in the panel has a rigid plate slightly larger than the tube base positioned
at the distal end of the tube in order to record individual tube reaction forces. These
forces are then added to obtain the total force transfer to the base structure. A final
rigid surface is added to model the remainder of the base plate. The only purpose of this
surface is to allow for modelling of the top plate coming in contact with the base structure
as a result of large top plate deformation or excessive crushing of the core tubes. Fig. 4.3
shows the ABAQUS models for panels A, B and C' with the rigid base structures removed
for clarity. Note that quarter-symmetry is used in all models for computationai efficiency.
The finite element mesh is also not shown as the tube mesh used for all simulations has
a high density as will be shown in the convergence study in section 4.5. It should be
noted that four C3D8&R continuum elements with a width of 1.0 mm are used through the
thickness of the top plate for all analysis.
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Figure 4.3: Panel models implemented in ABAQUS for panels 4, B. and U. For all
panels A = 0.600, R =4 and h, = 3.0 mm.

4.4 Blast Loading Model

Thus far, only the geometrie strneture of 1the panels hins been deseribod, Before validating
the complete asumerical model, the methad of leading Lhe structuee must be given, The
accurate loading of a structure under blastloads is a complex process, The Buid-strueture
interaction is difficult to chiaracterize exactly, however some simplifications can be made
provided certain conditions are wete A commntn method [or modelling the pressure
distribution on the plate is to e the Jones-Wilkins-Lee (JWL) rquation of state. Using
such a methodology a Lagrangian mesh Js used for the explosive which expands and
interacts with the Lagranman mesh used for the structure itzelt. Example: of work
where such methodelogies are emploved can be found in Grobbelaar and Nurick [141
and Daykin 6l Using this approach las several difficulties however, in that the mesh
hreomes severely distorted causing numerical instabilities, Further to this the momentwin
translerred from the explosive to the plate has becn shown ta be mesh sensitive, A possible
solution to this, which was considered tor this study iz te use the hvdro-dynamic code
AUTODYN which allows for Eulerian and Lagrangian meshes, Using this methodology a

pressure-time distribution on the top plate can be determined for a ziven explosive setup.

1.4.1 Unmniform Loading

Ay blast leading is & complex problem it is often convenient to assume a siuplified
pressure distribution over the exposed surface. Marchand and Alfawakhicl 76 sugpest
thiat I the blast load initiates from o distanee at least one half the mwaxinnun dimension of

the exposed structute then the pressute can be assumed 1o be nniform over the strnclure.
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Jacob [142] studied clamped circular plates and found that at a standoff distance greater
than the diameter of the plate, the load appeared to be uniform in space. It is assumed
for the majority of this study that the standoff distance is large enough that that load is

uniform.

The loading is assumed to be uniform is time and space over a prescribed pulse duration
to. As the load is impulsive, the distribution over time is of much less importance provided
the impulse remains fixed. For all numerical simulations the blast duration #, is taken to
be 10 us unless otherwise noted. This is a difficult parameter to obtain experimentally
however this estimate is based on an explosive burn speed of 7500 m/s over the half width
of the top plate which is 75.0 mm. This is only an estimate of the true pulse duration
under expected blast loading scenarios however as previously mentioned, variation in
pulse duration for a fixed impulse will have little effect on the response of the structure.
A square pressure pulse is used which is often used in the modelling of plates under

uniform blast loading [96,143-146]. This implies a pressure-time relationship given by

P 0<t<t
P(t)z{ 0 T=r= (4.1)
0 t>1g

where the constant pressure P, is calculated as

Py = (4.2)

The next section generalizes the loading such that the applied pressure pulse is not

perfectly uniform over the exposed panel area.

4.4.2 Non-Uniform Loading

In reality the pressure distribution over the panel may not be perfectly uniform. Even
in the case where suitable results can be obtained from a uniform pulse it is of interest
to be able to predict the response of an energy absorbing structure in the case where
the pressure is not uniform. The ability of the structure to attenuate the blast may be

severely compromised under these conditions and as such, must be accounted for.

In general if the total impulse applied to the panel is given by I then the pressure

distribution must satisfy

I= / / ) /0 ’ P(Q,t) dtdQ (4.3)

where 2 is a arbitrary region on the top plate of the panel and ¢, is the loading duration.
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Since the loading is impulsive the time distribution of the load is of significantly less
importance than the spatial distribution and therefore the load is assumed to be constant

over the time duration ;. Integrating over time then gives

I=t / / P(@) 40 (4.4)

The non-uniform spatial pressure distribution investigated here is given by the a circular
region centred at the plate midpoint with an exponentially decaying pressure outside this
radius. Converting to polar co-ordinates, the pressure at any given location on the panel

surface at time ¢ is

PQ T S a, 0 S t S to
P(r,t)={ Pee ™% r>q, 0<t<t (4.5)
0 t> 1

where r is the radial distance from the centre of the panel, a is the radius of constant
pressure, m is the pressure decay constant, P, is peak pressure. Clearly, as the decay
constant m approaches 0, the pressure approaches uniformity over the panel. An example

of this distribution is given Fig. 4.4.

The objective here is to obtain the peak pressure P, for a given impulse, constant radius
a and decay constant m. This allows the distribution shape to vary for the impulse used
in the parametric study. To begin, the applied impulse can be expressed in terms of the
load described in Eq. {4.5) as

a n/4  pw/cosf
I'= 27Ft0/ Pyr dr + 8?50/ / Pyre™™ % drdf = wa®Pytg + I, (4.6)
0 0 a

where w is the half~width of the panel top plate. In Eq. 4.6, the second integral I, utilizes
1/8% symmetry. The first integral is trivial and the internal integral of the double integral
can be computed analytically. This integral can not be evaluated analytically, however
it is simple to evaluate numerically. The difficulty occurs due to the square region of
integration as opposed to standard localised loading problems [147] where the region of
pressure distribution is circular. A Matlab code is developed that implements a gauss
integration scheme using four gauss points. The peak pressure Iy is therefore computed
as

Py = ! (4.7)

to {ﬂ'az + 8f7r/4 { —e(m '12:'5‘160089 )(mw—cos9)+cosﬂ(1+ma)} de:l

0 m< cos 8
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Fig. 4.5a gives the peak pressure £y as [unction of me and o while Fig, 4.5h gives B
as a function of m for a fixed o and shows the pressure obtamed when using o uniform
pressure distribmtion over the surface of the top pancl, Clearly, [kom this fipare, as the
decay constant mi tends to zero, the peak prossure approaches the pressare of the uniform

distributiot given by Eq. (420

P/P:

Figure 4.4: Normalized pressure contonr piot for an impulse of 30 Ns. The panel is 150
¥ 150 mmm with me 20, & 4inm, By - 316,35 MPa and o time duaration of 10 g,
The horizental and vertical distanees [rom the panel centre are tepressmted by o) and s
respectively while worelers to the hall width of the panel,

4.5 Finite Element Convergence Study

To determine the mesh size required for an aeeurate sobdion to the problemn of blast
loading of the panels, a convergence study is undertaken, If the chosen clement size is
ton large. then the resulting output may not be accurate. Conversely if the element size
5 too smal, the eomputationul tine required tor a solution may be unreasonable. A
conversence study allows lar the deterrmimation of the mininmm element size required tor

an acourate soiution.

Instead of conducting the convergence study on the entire panel, ondy a single mild stegl
tube is modelled. Condueting the convergence study on a single tube allows mesh relatod

ditheulties to be isolated easily with a minimume of computational reseurces. Cnee the
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Figure 4.5 {a) Plot of peak pressure as a Hmerion ol decay constant moand uniform
pressure radius a for impulses of B0 Ns 60 Ns, and TON< (b)Y Plot of peak pressure for
nniform and non-uniform (with varving decay conrant} prossure disrributions for mpulses
of 50N, Gl Xe, and 70Ns with a pulse duration of 10ps. For the non-unilorm prossmce
distribution the radins of constant presswre is o - dlbnim,

optimal mesh iz found for the single ribe, the results can be applied to an entire pane.

The material usedl in the convergence sbady is annealed wild stecl,

For the converrence study, the tube has length { = 750 mm. rhickness & = 0.6 mun and
asmieet ratio & = 1. The tube has an attached zigid mass of 0.5 kg and 15 subjecusd 1o
an irnpulsive load of 10 Na with a pulse duration of 2 ps. This mass and tipulse resalis
in similar initial veloeitivs at the proximai end of the tube to those i the complete
panel sub’ected to noanal Llast Joading conditiomns, The pressure pulse is assmued to be
rectangular and nniform over the surface of the attached mass. The unifonm pressice is

tivas computed using Lig, (4,21 waere 1he exposed area of attached mass s 552,25 mm®.

The single tiube i3 maodelled using quarter svinmerry in ABAQUS. A small nole of widzhk
{(.250 / I? iz Inserted at rhe midpoinn of the mabe. This is 1o remove any mesh dependency
un the position where the buckling iuibiates amd Lo ehsure syinmetric iobe formarion, The
nutnerical models ol chapter 7 use tnis tyvpe of {rigeer immpetfection and hence they are

ideal for the convergence stiudy

The reaction fores an the base of 1ae tube 15 recorded nsing o diserete rigid surface attached
to the diztal end of the tube wsing a tie constrainl, The soference point tor this surtzes
has all translasional and rotational deseees of freedom [ixed which has the effect of fixing
these degrees of [reedowt ol 1he nodes al the baze of the tube. The nodes ar the proximal

end of the tube aave rotation degrees of frecdom lixed 1o reasonably maodel the bonding
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betwern the top plate and the tube, The displacemnent of the tube is reeorded aof the
nercies ab the proximal enc of the tube however the reaction [oree is recorded al the distal
el Boeanse of the short duration of the erushing event under blast louding there is o
siall trme ditferential between when the foree and the displaceinent ai this loree. This
tine cillerential, alihough simall, should be seconntad for, Without accounting for Lais
there will be a4 mplon on force-displuccront, curve where there 15 disolacement without
any applied foree. T'he Line ollsel corresponds o the twe requited for 4n elastic stress
wave to propagate tae length of the Lube, therefore the tnie foree at the proximal end of

the tibe at time { iz ziven b
Fr.-rnxhnai'-r_“ i JTT|rJ1'.-'-I'.==|Z Iit e JT-"I{;PNI |t=8,l|

where €. I8 the clastic wave speed of the material wiich s taken as 5130ms? wni 1 i

the tizbe lenptly

The mesh size used in the convergence stiely s charactenised by setting the maober of
elements alomg the lengta of the tube, In delennining theaattiber of clements wong the
wichh of the tube the element aspect ratio 15 kept us ¢lose 10 1: 1 us possible. A refined
tesh is construeted in the immeciate vicinity of the hole, This is done Ty creating asmall
purtition around the hole. The size of the partition varies slishtly to ensure 1he widith Iy
wre ibeger maltiple of the elemens width. This ensures 2l elaments outside the paniition

save edees parullel or perpencionur wo thetiebe sdee sng henee are free of distorsion.

(@) (b (c)

Figure 1.6: Single tnbe [inite olement madels for mesh densities corresponding to (a)
N = 80 (h) & = 180 {¢) ¥ =220

Mesh sizes correspording to N 80, LOO, 150, L0, 200 22{1 ave examined in A BAQUS /Explicit
urider the previously ceseribed loading conditions, Tae meshes corresponding o N =
B, ZBL XA are givenin Fig, d.6a, b, and ¢ respeciively. Converpenee is determined based

on maxinun erushing distance as this is a eritien] porametor in Lads stizcy

The results of the comvergence study are presented in Flg. 4.7 The crush distances
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Figure 4.7: (a] Convergence of maximum crush distance for various mesh densities, (b)
Ratio of artificial straiu energy Lo total plastie work for various mesh deasities. {c) Forer-
displacement. curves for mesh densities ¥ = S0 and N 180, {d) Lapulse transter as
higetion of time up the the point of maximum displaceinent for the & = 180 mesh.

as & funetion of titce for mesh densitics correspording to N = 80, 1060, 156, 180, 200 e
given ir. Fig 4. 7a, It is clear that che displacements are nearly identical at N = 180 and
A = 200 indieating that a mesh densily corvesponding to N = 180 15 suitable nnder the
present loading conditions, IFig. 4.7b gives Lhe ralio of artificial strain energy to plastic
work. Ariificial strains are Introduced by ABAQUS/Explicit to control hourglassing, 'The
ABAQUS manual recotnmends 1hiz encrey be kepl below 3% of the plastic worle. As can
b seen from Fig. 4.7, this guideline i3 savislied fur & = 100, therezore the converged
demsity 0! N = 180 wore than satizfes this requirement. Fig. 4 7e shows the resultine

foree-tisplacement curves for N = S amd N = 180, It i clear that even during the
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formation of the first lobe, the force is significantly over-estimated using a coarse mesh.
The final validation criteria is given in Fig. 4.7d. The impulse transfer at the distal
end of the tube calculated as the area under the force-time curve up to the maximum
displacement must equal the externally applied impulse. From examining Fig. 4.7d it is
clear that for the converged mesh density N = 180, that the transferred impulse equals

the externally applied impulse.

It should be noted that contact between the tube walls is assumed to be frictionless as
is commonly done in tube crushing applications [8,21,24,31,119,148]. To validate the
assumption that friction can be neglected two additional numerical tests are conducted
with coeflicients of friction px = 0.1 and g, = 0.3. The maximum displacements resulting
from the simulation are found to be within 0.02 mm of the frictionless contact formulation

and hence friction effects are negligible.

4.6 Quantitative and Qualitative Analysis of Panel

Behaviour

To analyze the various panels, appropriate mechanisms are required which can quantify
the absorber performance. There are two aspects in which a given panel can be evaluated
in terms of performance. Firstly, panel performance can be evaluated at the tube level
using traditional tube crushing formulae often employed in crashworthiness applications.
Secondly, a panel’s energy absorbing performance can be evaluated on a global scale, in
terms of the entire panel. The following sections describe quantitative and qualitative
methods for describing how suitable a given panel is as an energy absorber under blast

loading.

4.6.1 Tube Efficiency Measures

Ideally, an energy absorber should maximize the stroke length while maintaining a con-
stant force level [41]. Throughout the analysis, i refers to the tube number as per Fig.
4.1. Ignoring elastic deformations, the plastic deformation energy in tube ¢ is given by
Eq. (4.9) where ¢; is the maximum axial tube displacement and F;(u) is the reaction
force at the proximal end of tube ¢ as a function of displacement (u). In cases where
the tubes does not crush symmetrically, the value of 9; is calculated as the mean crush

distance at each of the four corners of the tube.

35
Ui(,) = /O Fi(w) du (4.9)
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The mean force (Fy,) at the proximal end of the tube i is therefore described by

Fi(8) = U’éfi) (4.10)

The relative deformation of tube ¢ which quantifies the ratio of crush distance to the total

length ! of the absorber is given as

; 0;
Caet = T (4.11)

If the crush distance d; reaches the point where compaction occurs, force levels increase
monotonically as deformations increases. The relative deformation where this occurs is

known as the stroke efficiency and is found by Jones [14], for square tubes, to be given
by Eq. (4.12)
5311&)(
Ste = —'l— == 073 (412)
The crush force efficiency given by Eq. (4.13) measures the consistency of the force levels
throughout the stroke.

g Ui(d:) _ F(d:)
crush 7 Fi K 61 - Fi

max max

(4.13)

The final tube efficiency measure is given by Eq. (4.14). This performance measure
combines Equations 4.11 and 4.13 to include the effective crush distance in the calculation
of crush force efficiency.
i Ui(d:) _ ;

gtotal = m = Scrush ° gdef (414)
This measure quantifies the performance of the absorber against an ideal absorber over
the crush distance §;. The stroke, crushing, and total efficiencies are described in detail
by Hanssen et al. [52] and Jones [14]. The performance measures here are depicted
graphically in Fig. 4.8

4.6.2 Panel Efficiency Measures

The aforementioned performance measures apply only to single tubes and heﬁce using
these measures to quantify total panel behaviour is cumbersome. The difficulty is that
describing the performance of a given design requires providing measures for each indi-
vidual (independent) tube. To quantify the performance of the complete panels using the

measures presented in section 4.6.1 the total panel crushing force is found by summing
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Figure 4.8; Graphical definitions of the individual tube performance measures nsed in
thiz atudy.

the individual erushing forces of the core tubes. From Chis, the efficiencey measures can

he compuied in 2 similar way to that of wslnele 1abe

The classical efficiency measures described by Equations 4.11-4.74 are insoffcient in quan-
tifving the performance of a panel in that various geometric panel properties will inher-
ently inflnence these properties. Spocifically, panels nsing thick tubes, or a latge numhber
of tubes giving a large impulse capacily will display a small stroke ethelency wnder o
sinvle load. 1h an atltempl fo provide a meaningfal messure of panel performance that iz
largely unadlectod by loading magnitade 2 new efficieney parameter 1= inleodueed. If ane
ignores stored clastie strain encrgy, fictional dissipation, and artificial strin energy due

Lo hoarelass control, then at g glven time instand

W = KE + Unso + Ugtasa [4:15)
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where W is the externally applied work from the blast load, K'E is the kinetic energy
remaining in the panel at a given time, and Ugye and Uppe are the dissipated plastic
energy in the tubes and top plate respectively. After the blast load has been absorbed
KFE = 0 and the dissipated energy has been partitioned between the core and the top
plate. Ideally the tubes in the core will absorb as high a proportion of the input energy
as possible since large plastic strains in the top plate likely indicate instability in the
core tubes. To quantify this the core (tubes) efficiency &.ore 18 given by Eq. (4.16). This
measure is simply the ratio of energy absorbed by the core to the total input energy of

the system.

Uore _ 1 X~ [* 2Apohy o [*
Ecore = = 57 f Fi(u) du =~ e LB / E; U) du (416)

where A,, p,, and h, are the top plate area, density and thickness respectively and
Ucore = 21ty Us. A value of & approaching 1 implies the desired result of nearly rigid
body motion of the top plate.

Although the energy absorbing efficiency is of primary importance when determining if a
given panel design is a suitable blast absorber, the buckling stability is also of significance.
There is a clear correlation between buckling stability and energy absorption efficiency as
tubes that undergo global buckling or partial global buckling will absorb less energy than
a tube that buckles is a progressive symmetric manner. Further to this, instabilities in the
buckling of the core tubes implies a larger amount of the energy absorbing responsibility
is shifted to the top plate, reducing the total capacity of the panel. To quantify this, a
stability parameter is introduced. The mean displacement of the corners of each tube in

the panel is clearly

1 4TLt
Gmean = —— 0; 4.17
¢ 4774; - ( )
=1
Therefore, the stability parameter & is then simply defined as the sum of the absolute
differences between each tube corner displacement and the mean displacement which is

then divided by the mean displacement to normalize the result.

Zf:cl 161 - 5meanl

5mean

gs’c =

(4.18)

It must be noted that stability parameter comparisons are only valid within a specified
tube layout (A, B, or C). The measure simply quantifies the differential between nodal
crush distances as measured at each corner of the tubes in the panel. In panel A tests,
for example, the stability parameter is limited by the width of the tube only, as there is

only one unique tube in the panel. Panel B designs however have two (assuming quarter
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symmetry is utilized) independent tubes which may have significantly different crush

distances which will influence the resulting value of Eq. 4.18.

It should also be noted that momentum is conserved at the interface of the panel core
and the structure at the bottom plate. This implies the total impulse transferred to the
bottom plate is the same for all panels regardless of the performance in terms of the above
measures. Thus, if £; is the time required for tube i to reach its maximum deformation
6; then

= Z; /0 "R de @)

From a structural protection point of view, the panel will ideally ‘smooth’ out the applied
impulse on the bottom plate. It is clear that the total force levels will be much higher as
n increases, however the total time required to dissipate the kinetic energy is much lower.
It is thus an engineering optimization problem to determine the ideal absorber based on
the required absorption capacity of the panels and the allowable peak force levels on the
bottom plate. For example, panel A will give the lowest total force levels on the bottom
plate, however panel A has a much smaller absorption capacity than panels B and C.

5] ! 13
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§
! | ;

]

o

Figure 4.9: Tube crushing modes observed in numerical simulations.

4.6.3 Qualitative Measures

In addition to these quantitative absorber performance measures, qualitative measures
are also used to analyse the numerical results. Controlling the formation of plastic lobes
during the crushing process is important for ensuring efficient energy absorption. To
maximize the stroke length, Euler buckling must be avoided. The overall shiape of the
crushed tubes in this study are classified into three modes as shown in Fig. 4.9. Mode
I crush behaviour describes perfect dynamic plastic or progressive symmetric buckling.
Mode J behaviour is identified with pure global buckling, or a combination of some pro-

gressive buckling with global buckling dominating the energy absorption process. Mode
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K describes crush behaviour where large global, non-axial deformations occur primarily
away from the proximal end of the tube. Tubes which buckle in this mode show little
lateral displacements at the proximal end of the tube, unlike mode J global buckling.
Modes J and K are further subdivided based upon the direction in which the non-axial

global displacements occur.



Chapter 5

Validation of the Numerical Model

using Experimental Testing

5.1 Introduction

In order to validate any numerical models, experimental tests are required to determine
if the numerical model can capture the behaviour of the proposed panels under blast
loading. If the models can reasonably simulate the true response of the panels, further
numerical investigations can be accomplished with confidence that the results indicate
panel response under real blast loading conditions. The methodology used to experimen-
tally test the proposed panels is given here. The goal of this chapter is to discuss firstly,
the panel construction and preparation. Secondly, to compare the quasi-static response of
the tubes used in the panels to finite element simulations. Finally, this chapter describes
the experimental blast loading methodology and results from tests on selected panels. It
must be noted that, due to the difficulty of conducting experimental blast tests on the
proposed panels, the experiments presented in this chapter are primarily for the purposes

of validation of the numerical model.

5.2 Test Programme

In order to validate the numerical model and experimentally investigate the performance
of the panels under study several blast tests of actual panels are undertaken. The man-
ufacture of the panels is difficult and consumes significant resources therefore a careful
selection of test panels is required. The methodology used in selecting the panels is

described here.

99
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The tube materials used in the study are the annealed mild steel and 6063-T6 aluminium
alloy. Although it would be beneficial for showing the effects of annealing, panels of
non-annealed steel are not tested due to manufacturing time constraints. The results of
such tests would be highly dependent on the size of tube chosen due to variations in work
hardening which would limit applicability to further research. The purpose of testing the
annealed mild-steel and aluminium is to examine the response of materials with similar

yield stress but much different strain-rate sensitivity.

Panels B and C as given in Fig. 4.1 are examined experimentally. Panel A is not
examined as it is highly sensitive to any non-uniformity in the loading. The differences
in response between panels B and C is expected to provide insight into impulse capacity

as function of the number of tubes in the panel core.

The tubes forming the core of all panels have the approximate geometric parameters given
in Table 5.1. The top plate thickness for all panels is 4.0 mm. This top plate thickness
is chosen to ensure nearly rigid body displacements during the blast event. This has the
purpose of isolating the energy absorption responsibility to the tubes in order to study
the response of the tubes to blast loading. The tube positions, which are defined entirely
by the value of A, are selected based on the preliminary results found in [125]. It is
expected that these A\ values are near the optimal value due to these initial numerical
investigations. It should however be noted that due to the thick top plate, the A value
used here is expected to have little effect on the overall panel response to blast loading.
Using a thick top plate mimimises top plate deformations thereby limiting interaction
effects between the top plate and the tubes. These interaction effects were found to
vary significantly with A in [125] and are discussed thoroughly in chapter 7. Table 5.1

summarises the relevant panel and tube geometries investigated experimentally.

Table 5.1: Summary of panel and tube geometries investigated experimentally.

Material Configuration AB Ac hy {(mm) hy (mm) R
Steel B,C 0.61 0.70 4.0 0.61 3.49
Aluminium B,C 0.61 0.70 4.0 0.62 3.44

To summarize, two panels configurations are investigated for each material. For each
configuration however, three loading magnitudes are applied as shown in Table 5.2. A
small, medium, and large charge mass is selected for each panel configuration and core
material with a single charge mass in common for both materials. For a given tube ma-

terial, using a single set of charge masses allows for direct comparison between responses
of panels B and C.
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Table 5.2: Loading magnitudes in terms of the mass of PE4 detonated for each of the
core tube materials.

Material Muin () Mmea (g) Mmax (g)
Steel 28 33 38
Aluminium 13 20 28

5.3 Panel Manufacture

The construction of the panels is described here. The fastening of the tubes to the bottom
plate and top plate is found to be a difficult task. Under blast loading large stresses may
develop at the plate/tube interfaces and thus a strong bond is required. Unfortunately,
welding techniques require too much heat to ensure structural integrity in the thin tubes
during the welding process in addition to ensure material properties remain unchanged.
This is particularly true when welding aluminium to steel. Further to this, warping in
the top and bottom plates due to excessive heat renders the panels unusable. Several
epoxy techniques are also tried, however all tests using such methods are found to be

unsuccessful due to debonding of the tubes and plates.

A compromise to welding and epoxy is used in this study for bonding the tubes to the
top and bottom plate. Soft solder is used for both interfaces and materials. For the steel
to steel bonding soft solder is used and for the aluminium to steel bonding aluminium
solder is used with a specialized flux for such applications. Silver solder was also used
in preliminary tests however this bond was found to be excessive in terms of heat and
therefore the soft solder is used in the final tests. Although a welding torch is still
required, the applied heat is minimised.

Fig. 5.1 gives an idealized schematic of the bonding process. For the top plate square
grooves are milled into the plates such that the inside width of the grooves is the same as
the inside width of the tubes. The tubes are then inserted into the grooves. The purpose
of this is to ensure that the tubes do not shear from the top plate. This is unlikely using
the thick 4.0 mm top plates however this method is utilized as thinner plates may be used
future studies. The groove is cut such that there is a trough type structure after insertion
of the tube. The trough is filled with solder as shown in Fig. 5.1. The encroachment
of the solder on the tube in minimal due to the trough and thus can be neglected in

numerical models.

In the bottom plate, the process differs significantly. Holes of approximately the same
size as the tubes are laser-cut through the plates. A fillet of approximately 45 ° is then

manually created using a file. The panel is turned upside down with 75 mm support pillar
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Figure 520 {a) Photagranh of the bonding between the top plate and the sroximal end
of the tube. (b) Photograph of the underside of the bottom plate showing the honding
of the bottem plate with the distal end of the tube.
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holding the hottom plate at the correct level. The volnme of the bottom plate removed
b creating the fillet is then flisg with =solder. Afrer hardening. the resulting strueture is
rhen sanced flat leaving only solder remaining in the fillered vegion, The reason [or this
is that the panel nmst sit Aush with 4 chick rigid poate which 13 connected to the ballistie

perdulum as deseribed i section 5.7,

Fleure 5.3 Photographs of typical alumininim tubse pancls altes constmetion.

5.4 Tube Preparation

For all experimental investigations Lhe tube thickness is set to a nominal value 0.6 o,
Conanercially avallabie tubes are non Avaiiabile in this thickness however, and as such the
tathes st nndergo processing, wsinparndling machine, to abtain the desired thickness.
It. shingle be noted thar the steel mibos ave auncales before shaving in order to minirize
rhe effect of scaling on the Gnal tubse thickuess, Uhe nitia: lengths of tubes are cur into
stoall pieces of length approsimately 175 mm before shaving allowing for vwo tubes per
section to be obtained. The tubes o their as-received state have g nomine thickuess of
2.0 mm with an entside widih of 264 o, Afrer shaving, a rancom sclection of Sve steel
anl aluminium tubes are selectec lor cimensional resting of thickness reduction. 'This
rechietion in thickness is ciflicall to nicasnre homever due to the very smadl thicknesses
in cpuestion. This is particularly true for the annesied steel tnbes as the scaling [rom Lhe
anricaling process on the interior walls causos difficullics 11 measnrements. The process
also results i slightly larger thicknesses near the midpoint of the tube walls in vhe
auncalod stoes tubes. This result docs not appear in the extruded ainmininm tabes, Also
of nowe, due to the extrnzsion process, the alutminium tubes contain filleted edpes ut the

inwerface of the wside [aees of the tube. This effectively shickens the tube ar che edges.

To obtain the thickness of the steel tubes a vernier is used to mcasure tho thickricss
ar rhree approxirately eguidistant points on cach of the four tabe walls,  ldeally a
micromerer woldd be usea hewever the slightly parabolic shape of the tube wall prevents

the use of such a tool, The wall whickness of the aluminiae tuboes i measured at three
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equidistant points on each tube wall using a micrometer. The thickness are then averaged
to obtain the mean thickness used in all experimental simulations. The mean thickness of
the steel tubes is found to be 0.61 mm and for the aluminium tubes a thickness of 0.62 mm
is obtained. It should be noted however that these thicknesses are only an approximation
as the steel tubes are found to be slightly thicker at the midpoint while the aluminium
tubes have small fillets at the corners of the interior walls. This effectively strengthens
the aluminium tubes beyond what can be obtained using a shell approximation. The
aspect ratio of the shaved tubes is obtained from outside width of the sample section and
is measured with a vernier and then averaged. The mean width of the steel tubes is found
to be 21.49 mm and for the aluminium tubes a mean width of 21.83 mm is obsérved. This
corresponds to aspect ratios of R = 3.49 and R = 3.44 respectively. The slightly narrower

steel tube is likely due to small losses from scaling from the annealing process.

Once the tubes have been processed to the desired thickness, imperfections are created in
the tube walls. The purpose of the imperfections is to induce buckling at a predetermined
location along the tube length. If each tube in the panel buckles at the same location,
it is expected that crushing stability will be maximised. In addition to this, creating a
relatively large induced imperfection ensures any small imperfections in the tube wall
introduced in the thickness reduction do not dominate the buckling process. It should
be noted that initial experimental tests used tubes with circular cutouts of various sizes.
Such imperfections created difficulties in that if the cutouts were too small, they did
not influence the buckling mode while larger holes resulted in ductile fracture at various

locations around the the hole perimeter.

To circumvent the problem of ductile fracture, small indentations are created in the
opposing tubes wall at the midpoint in terms of length and width. The dent is created
with a hemispherical steel indenter with a radius of 10.0 mm. The dent is created using
the apparatus shown in Fig. 5.4. The tube is inserted into a plastic clamp which contains |
a hole for the denter to move though. The denter is placed in the hole and the rig is placed
on a Zwick universal testing machine. The denter is then displaced a distance of 2.0 mm
at a constant speed of 50 mm/min. A small pre-load of 100 N is applied to the denter to
remove any compliance in the compression rig, thereby ensuring the measured crosshead
displacement is the same as the denter displacement. The dent dept is measured for 20
samples for each of the steel and aluminium tubes. After elastic unloading, the final mean
dent dept is found to be §; = 1.74 mm and J, = 1.45 mm for the steel and aluminium
tubes respectively. The mean deviation is found to be 0.063 mm and 0.066 mm for the

steel and aluminium tubes respectively indicating a reasonable level of repeatability.
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Tube/

Figure 5.4: Schematic of the apparatus used to create the hemispherical indentations in
the tube wall.

5.5 Finite Element Model of Experimental Panels

For all experimental tests presented in this chapter, the corresponding numerical predic-
tions are given. The details of the numerical model used for comparison with experiments

is given here.

In chapter 4 the finite element model of the general panel design is described. A slightly
modified panel model is required for experimental validation due to the indentations in
the tube walls. In these panels the initial imperfections are created using hemispherical
indenters. The modelling of the indentation process described in section 5.4 is given
here. The indenter is modelled as a discrete rigid surface in ABAQUS. For all analysis
the indenter has a diameter of 10 mm. The geometric model of the indenter and quarter-
symmetry tube is given in Fig. 5.5a. In the figure, the tube is composed of annealed mild
steel and has a thickness of 0.63 mm and aspect ratio 3.44. These dimensions correspond -
to the quasi-static experimental tests done in the section 5.6. Contact between the the
tube and the indenter is limited to a small area of the tube slightly larger than the

indenter.

Conducting simulations of the indentation at the velocities used in the actual experiments
is not feasible and therefore a suitable numerical velocity much be chosen. Under quasi-
static crushing conditions the indent is created by displacing the indenter, normal to the
tube wall at a velocity of 0.5m/s up to a maximum depth of 2.0 mm. This indention ve-
locity is chosen as it is the highest velocity observed where inertia effects in the tube wall
are negligible. Difficulty occurs however, when extending the model to blast loading con-
ditions. The time scales, and hence strain rates associated with the indentation process
differ vastly from that of blast loading. In simulations involving the steel tubes, strain
rate effects must be included in the material model. The difficulty with this is that the
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Figure 5.4; Schematic of the apparatus used to create the herispherieal mdeutations in
the tube wal.

5.5 Finite Element Modecl of Experimental Pancls

For all experimental tests presentea in this cnapter, the corresponding numerical predice-
tions are given. The details of the numerica: moael used for computison with experients

I8 giverl nere.

Iu chapter 4 the luite eloment mode] of the general panel design is deseribed. A sligntly
wodiliea panel wmoael = required for experimental valination due to the indentations in
the tube walls, In these panels the juitial Tipertections are created using nemispnerics]
incdenters. The modelling ol toe maentation process deserihen in section 5.4 s given
heve, The indenter is modellodos a diserete vigid surface in ABAQUS. TFor all analvsis
the ndenter has a diameer of 10w Toe geometric moael of che indenter and quarter-
syrenebry tube is given i Fig. 5.5a. In tue figure, the tube i composed of annealed mild
steel and has a thivkoess of (063 wim and aspect Tato 344, These dimensions corresponrd
Lo e quasi-static experimental 1ests done in the section 3.6, Clontact between the the
tube and the indenter Is lmited to o small area of the tube slignely larger than the

indenter.

Clonnueting sintalations of tne indentation at the velocities used i the uctual cxperiments
14 not frasible and therefore a suitable numerical velocity much ke chosen, Under quasi-
statie erushing conditions the incent is created by displacing <he indentor, noral te toe
tube wall at a velocity of V.Sm/s up to o maxicnun depth of 2.0 men. This indention ve-
locity Is chosen as 1t is the mizhest velocity observed where inertia effects in the tube wall
arc: neglizitee, DHffiealty ocours however, when extencing the model To blast loading con-
witioms. The time scales, and hence strain rates associated with the indentution process
differ vastly from that of blast leading, In simulations involving the steel tubes, sirain

rate offects st be dneluded e the material model. The difficulty wita this is that the
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Figure 5.5: (a) Model of a single annealed steel tnbe of thickness 0.63 mm and aspect ratio
3.44 with indenter before indentation oceurs, implemented in ABAQUS. {(b) Indented
tube after removal of the indenter with a contanr plot showine delormation in the lateral
directiab.

simmlated indentation velocity iz not the true mdentation velocity and hence strain rate
hardening is introdueced that does net ocour experimentallv. The experimental indenta-
tion process 1 slow ewongh that strain rate effects canbe ignored. As ABAQUS/Fxplicit
dovs not allow multiple material definitions at &) pacticular peint in the geowetry soue
simmplifications have to be made. Indentation siioulations ave conducted at a veloeity of
(.3 m/fs with strain vate offects removed from the mwaterial moedel. Lower dentation
velocitios are then simmlated and compared to the strain mate Independent case, It s
[ound that the Lol iudentation depth at o wloeity of 0.2 m/s differs negligibly [rom
the rate independent mode: and-hieuce strain rate effects have little clfvet at this velocity,
The alwminium material madel is strain-rate insensitive and hence the higher indentation

velocity af 0.5 my/s Is sflerent,

Ouce the indenterhasreached its 2.0 mm maxinmm displacement. the indenter is removed
at the indentation velocity, Durving this phase, the indent unloads elastically. The slow
nnloading s done to ensure that the rebound velocity of the dent is minimized by keeping
the dented tube in contact with the indenter. If the mdented tube 1s allowed to freely
unload. significant oscillationz in the tube wall displacement ave ohserved. Fig. 5.5h
shows the deformed shape and transverse displacement feld of the tube after indentation.
Note that althongh the peak displacetent at the dent midpoint 1s the preseribed 2.0 i,

the final displacernent after elastic unloading for this example s approsimately 1.68 mn.

For the mean tnbe seometries proseuted n Table 5.1 the sitmlated indentations depths
are loutd to be 4. = 1.65 mun and &, = 1.2 nun [or the steel and alwnininm tubes
respectively, The indentation depth [or the steel tunes is predicted reasonably well bow-
ever for the ahiminiwm tubes the simulated depth is significantly les: that that of the

experinental depths, This iz likey due to the the filleted edges in the actual aluminiam
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tube walls acting as a stilfener during {he clastic nnloadine.

The sivgle tyhe indentation mode! is eaaily extended into a complete pancl with indented
tubes. Fix, 5.6 shows typical ABQAQUS models for panels B and €. Eack indentation
s creaded as deserdbed for the single tube case, Tor the complete panel however the
indeners are phyvsically removed from the pauel before the lilast ioad is appiied {0 the
top plate. Note thad the stress state in the tubes after indentation is maintained at
the start ol the blast ovent to offectively maodel the residual stresses in the fube from
ereating the npeclection. The alternative to this is to create the mbe gecmelry directly
[ram o separate denting analvsis, This is clearly computationally more ellicient as onlv
a singie demding analysis needs to be done for a given tube geometry and aspect ratlo,
The disadvantage is of course, that even for a small changes in the tube seomaetry and
material that a new dent profile veeds to be pre-determined, Further to this, ihe tubes
i1 the panel will be [ree of vesidual stresses at the start of the llast event which is nod

ncicative of ke {rne stross state.

Fignre 5.6: Panel model with indentations [or panels £ and Cimplemented in ABAQUS.

For el tube materias, the uniaxil stress—stonin curve in implemented in talular form.
as a function of femperature for straing up to a value of 3.0. During the fulding process.
Large loealized strams develop in the corners of the [old, Elemend deletion is used if the
copiivalent plastic strain in an element exceeds 5.0 This Is generally ouly requived for
excessively large blasts an alumininm tubes where the low meiling poiet of the matenal
catl resilt in highly localised areas where an clement kas neatly no load carvyving capacity.
Suck hehavionr can effect staliility of the analysis, while remowval of the element has
negiipible inflence en the structural stillness of the tnhe, For the rop plate the Johnson-

Cook comstitntive meodel s ased with the mmodel parameors given in section 3.3.5.2.

Ier all ficite element simulaliony of cxperimental tests, the loading is assumed o be
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applied as a uniform, square pressure pulse as described in section 4.4.1. The duration
of the pulse is assumed to be 10 us in all tests. The total impulse is measured experi-
mentally using the ballistic pendulum as will be described in section 5.7.2. From these

measurements, the constant pressure from the blast can be computed using Eq. (4.2).

5.6 Quasi-Static Experiments

Quasi-Static tests are conducted on single tubes of the same length and aspect ratio as are
used in the complete panel blast tests. The purpose of this is to validate the material and
finite element model by comparing experimental force levels with those obtained through
finite element simulations. At present, reaction forces cannot be measured during blast
tests and therefore quasi-static tests are required to compare reaction forces. Two steel
tubes and two aluminium tubes are cut from a single section, after thickness reduction,
to obtain a uniform thickness. The mean thickness of the steel tubes is found to be 0.63
mm while the aluminium tubes are found to have a mean thickness of 0.62 mm. The
aspect ratios of the steel and aluminium tubes are found to be R = 3.44 and R = 3.45

respectively.

The tubes are crushed on a Zwick universal testing machine at a constant velocity of 3.75
mm/min. This crushing velocity is chosen as it gives a strain rate approximately equal to
the quasi-static tensile tests conducted in section 3.2. This allows for simulations to be
conducted at higher velocities than the actual tests by omitting strain-rate effects from
the numerical model. The tubes are crushed a distance of 50.0 mm. Fig. 5.7a and Fig.
5.7b shows the resulting force-displacement curves for the steel and aluminium tubes
respectively. Also included in the figures are the corresponding numerical simulations
of the quasi-static crushing experiments. Table 5.3 gives the quantitative results of the.
experiments. In the table, F .« refers the initial peak buckling force, Fyg, refers to the
peak forces at successive lobe formation and finally F refers to the average force over

the stroke which is simply the total absorbed energy divided by the crush distance.

Table 5.3: Comparison of quasi-static energy absorption parameters for experimental and
finite element analysis.

Material Frax (KN)  Fhax (KN)  Figgn (KN)  Fugn (KN)  F, (kN) B, (kN)

(EXP) (FEM) (EXP) (FEM)  (EXP) (FEM)

Steel 9.53 10.19 5.84 6.26 4.02 3.66
Aluminium 7.86 8.32 5.67 5.37 3.42 2.94
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Figure 5.7: Plot of experimental and numerical quasi-static force-displacement curves for
(a) Annealed mild steel tubes and (b) Aluminium tubes.
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In terms of buckling initiation it is found that all tubes buckle at the location of the initial
indentation as expected. During the second experiment using the steel tube, partial
global buckling initiates and hence progressive, symmetric buckling ceases. For this
reason experiment 2 in Fig. 5.7a is not included in any energy based calculations as
it not suitable for comparison with a quarter-symmetry numerical model which must
buckling progressively. The force-displacement curve is included however as the peak
force and the force over the first lobe formation are valid. All other steel and aluminium
tubes are found to buckle in a progressive symmetric manner, however some slight anti-
symmetric lobe formation is observed in the first steel tube experiment. This behaviour is
a temporary effect as the final buckling shape is reasonably symmetric. This is likely due
to inconsistencies in the wall thickness which cause lobes to begin forming at a particular
location on a tube wall before the corresponding locations on the other wall have buckled.
This has the effect of initiating global buckling however the effect is quickly reversed as

the other tube walls buckle to form a nearly symmetric lobe.

Reasonable agreement is found between the experimental and numerical force-displacement
displacement curves as shown in Fig. 5.7 and the corresponding energy absorption pa-
rameters shown in Table 5.3. For both materials the numerically obtained forces are
found to be slightly lower throughout the stroke. This is particularly true for the alu-
minium tubes. This is expected however due to the relatively large filleted interfaces on
the interior tube walls. This is not accounted for in the finite element model using shells.
The increased stiffness at the tube corners increases the experimentally obtained crush-
ing force. The underestimation of the force levels for the steel tubes is likely due to the
slight parabolic shape in the tube wall as the tubes tend to be thicker at the midpoint.
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For both materials the peak buckling load is found to be slightly higher in the numerical
model than in the experiments. This is a result of the hemispherical indentation depth
being under-predicted in the numerical model. The subsequent peak forces however, are
predicted with a high degree of accuracy. In summary, the numerical predictions agree -
well enough with the experimental data to ensure a high level of confidence in the models

ability to capture the force-displacement behaviour of the tubes used in this study.

5.7 Blast Loading Experimental Procedures

5.7.1 Panel Loading

The panels investigated experimentally are subject to uniform blast loads. Although
such loads are trivial to generate numerically, experimentally uniform loading due to
blast loading is a difficult problem. Initially, tests were conducted using the method
presented in Chung Kim Yuen and Nurick [143] where concentric annuli of explosive are
detonated at a very short standoff distance from the panel. Such tests did not appear to
give a reasonably uniform load however and resulted in significant deformation near the

point of detonation.

To circumvent this problem a testing rig similar to that of Jacob [142] is developed. In the
aforementioned study the author generated reasonably uniform loads on clamped circular
steel plates by exposing the plates only at the distal end of a thick circular blast tube
while detonating a disc of explosive at the other end. As discussed in section 4.4.1, the
author found the load to be uniform provided the standoff was at least the diameter of
the plate. For the present study a similar shock tube is used however this tube is square
due the geometry of the top plate. Fig. 5.8 shows a schematic of the testing rig used
here. The panel is fixed to a thick rigid plate at the base of the panel, and the blast tube
is adjusted such that the other end of the tube is flush against the top plate of the panel.
Under this configuration only the base of the panel is constrained and the top plate is

free to move as the core tubes buckle.

The blast tube is 190 mm long which exceeds the width of the plate and hence the pressure
applied to the top plate is likely to be reasonably uniform. As previously mentioned
however, this is a difficult parameter to verify experimentally and hence thick top plates
for the panels are used to minimize the effect of non-uniformity in the loading. The inside
area of the blast tube is 150 mm x 150 mm while the top plate of the panel is 156 mm x
156 mm. The reason the top plate is slightly larger than the exposed area is to minimize

the escaping of any gases in a direction along the axis of the ballistic pendulum. If there
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Figure 5.8: Schematic of the blast tube used to direct the pressure load onto the panels.

are gaps created during the blast event the ballistic pendulum may be subjected to loads

that the panel is not, resulting in an over measurement of the applied impulse.

The pressure loading on the panel is generated by detonating a circular disc of PE4 ex-
plosive of diameter 75.0 mm. The explosive is placed on a 150 mm x 150 mm polystyrene
pad of approximate density 18.15 kg/m?® as shown in Fig. 5.9a. The polystyrene is then
placed at the end of the tube opposite to that of the location of the panel as shown if
Fig. 5.9b. After detonation of the explosive, the polystyrene pad disintegrates and as

such, has no apparent effect on the loading of the panel.

The technical data for PE4 explosive as reported by Wharton et al. [149] is briefly dis-
cussed here. The PE4 explosive used in this study is composed of 88 % RDX and 12%
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(a) ' ()

Figure 54 (a) Photoaraph of the lavoct of the PE4 explosive dise on the polystyrene
pirl, (b)) Photograph of the rott end of the balistie pendabom with the attached shock
tube, Alse shown in 1he photosraph s Lhe explosive and detonator held o place by the
polvaiviene pad

lirhium grease, The density 1z 1.6 o/c® and the strensith o terms of TN equivalence iy
1300 %, The detonation speed is approxitealely #2000 however values as low as 7300

/s have Leen wsed in blast loading analveis 143,

5.7.2 The Ballistic Pendulum

Althemph reeording expevimental neasurements i dithenlt under blast loading eonditions,
the use of a ballistie pendularialiows for the recording of apphed tmpulse measurements.
Some Sudies thal wiilize the balistie peadulinn cnder Bast loading melude Lomp 150 .
Nurick [151], and more recontlv, Hansson ef ol T8 and Enstocs and Smith 1520 Most of
the literature cited uses the pendalvm merely as tael Lo record applied impulse. however
Enztock and Smith 152 investigate the swalidity of the penduliun tselll  Specilically,
the anthors investipated the ability of the pendidom fo dizernninate Detween dilleren
fornm:lations of PE4 explozive. The formulations tchiuded Lhe nze of bartian sudplace and

capper oxide which were both found to inerease the impalse transler Lo Lhe pendelum,

5.7.2.1 Theoretical Tmpulse Calculations

sbmepee caletlations ean Le perlormed [ollowine a blast test on the Ballistic pendiuiumn fo
determine the impulse transforred 1o the patel. Nudek [131] provides o good overview
of the penduhun theory, The analvsis is simplilicd by assumcng that the pendalim
maintaing its orientation throughout the blast response, This i@ o valid assmption i Lhe
penwlulim is proper.y balanced in all directions, This implies that the ballistic penduiam

can b treated] as a sitple pendulum where rotational mertia of the pendulum and wires
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are ignored. The linearized equation of motion of a simple pendulum is given as

i+ 201 +wlr =0 (5.1)
where

B=C/2my, (5.2)
and

wp =21)T (5.3)

C' is the damping coefficient, m, is the total mass of pendulum including the specimen
and balancing weights, and T is the natural period of motion of the pendulum. The
solution of the second order differential equation given in Eq. (5.1} is given by

(e7P%) i sin wgyt

z(t) = o (5.4)

where 1y is the initial velocity of the pendulum and wy is given by

Wg = \/w (55)

Let 2, be the maximum forward horizontal displacement of the pendulum and z, be the
maximum backward displacement of the pendulum. The distances z; and z, occur at
t =T/4 and t = 3T /4 respectively. Substituting these times into Eq. (5.4) gives

To _
T, = —27?_8 AT/ (5.6)
and
_ _%o__3p74 5.7
Ta 2’,’1’6 ( . )

solving for [ in terms of z;/z, gives

2 ry
— 2 .
=T, 6

and therefore the initial velocity can be calculated as

CL:Q = —“$16_5T/4 (59)
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Finally, the impulse can be calculated as

I = miq (5.10)

The period T can be determined by simply allowing the pendulum to oscillate from a fixed
position. The values of x; and x5 must be calculated however. The difficulty in computing
- the impulse stems from difference in pen position from the horizontal displacement of
the pendulum. This difference must be accounted for. Figure 5.10 gives the geometric

description of the pendulum motion with associated geometric variables.
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Figure 5.10: Schematic of pendulum geometry. Solid lines indicate initial pendulum
position while dashed lines indicate the pendulum position and the maximum forward
and backward positions.

The measurable variables are the wire length [, the initial vertical displacement from
the pen position a;, the pen length Z, and the maximum forward and backward trans-
lations of the pen tip AR and AL respectively. Simple trigonometry gives the following
relationships for the geometric variables given in Figure 5.10. The differences between

the initial position of the pendulum and the tip of the pen d; is
dy = /22 — a2 (5.11)

The differences between the forward swing of the pendulum and the forward movement
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of the pen d, is given by

dy =1/ 2% — a3 (5.12)
where

az = ly(1 —cos ) + a; (5.13)

The differences between the backward swing of the pendulum and the backward move-
ment of the pen ds is given by

dsy =1/ Z% — a2 (5.14)
where

asz = ly(1 — cosby) + a; (5.15)
therefore z; can be described as

z1 = ly, sin 6, (5.16)
and z, is given as

To = ly sin by (5.17)

The measurable quantities AR and AL are therefore defined as

AR =1, —dy +dy = lysind — /22 — a2 + /22 — (I,(1 —cos ;) +a;)2  (5.18)

and

AL=25+d; —dy = lysinby + /22 —a? — /22 — (I,(1 —cosby) + a1)? (5.19)

Newton’s method is implemented in Matlab to solve for 8; and 4, in Eqns. 5.18 and 5.19.
The values of z; and z5 can then be computed using Eqns. 5.16 and 5.17 respectively.
The damping value § is then computed along with the initial velocity Zo. Finally, the

impulse is determined using Eq. (5.10).
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5.8 Blast Test Results

The results of the experimental blast tests are presented here. This section is struc-
tured in the following manner. Firstly, the impulse measurements are discussed. The -
post-experiment measurement methodology is then briefly described. The crushed pan-
els after blast loading are then illustrated along with the corresponding finite element
simulations. The qualitative and quantitative experimental results are given along with
the corresponding analysis. This analysis is strictly limited to experimental observations
however as the finite element analysis is described in section 5.9. Finite element results
are presented in figures, tables and graphs in this section, however this is simply for sake

of comparison.

5.8.1 Impulse Measurements

Fig. 5.11 shows the impulse transfer to the ballistic pendulum as a function of charge
mass. The mass of the 1 g detonator is included in the total charge mass. It must be
noted that the measured impulse is independent of the response of the panels as a result
of conservation of momentum. The natural period of the pendulum greatly exceeds the
duration of response of the panels and thus the swing of the pendulum is independent of
the energy absorbed by the panels. This implies that charges of equal mass will result in
nearly equal impulse provided the testing rig does not change. The results of Fig. 5.11
show this to be the case for the tests conducted. There are small variations in impulse at

equal charge mass however this is likely due to small changes in the detonation process.

Two curves corresponding to linear least squares fits of the data is also included. The
solid line is the general linear fit while the dashed is the best fit obtained when forcing
the curve to go through the origin. Note that the general least squares fit of the data
is significantly higher than zero at zero charge mass. This is not unexpected however
as there are relatively few data points, most of which are at large charge masses and
therefore the general linear relationship given can only be assumed to be valid within
the given range of charge masses. For comparison purposes, Jacob [142] conducted blast
tests using a cylindrical blast tube at standoff distances of 15 — 300 mm with charge
masses of 5 — 15 g. The author obtained a charge mass (m) to impulse relationship of
I = 1.960m + 1.640 with 90 % confidence lines corresponding to #=1.31 Ns and 99 %
confidence lines corresponding to £2.69 Ns. The author of [142] also observed that if
limiting the analysis to 300 mm standoff distance the resulationship between charge mass
and impulse is I = 2.03m -+ 2.86. The slopes of the linear curve fits agree closely with
the results of the present study. It should be noted that this relationship is not required

in any theoretical or computational analysis and is included merely for completeness.
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Figure 5.11: Plot of impulse transferred to the panels as a function of explosive mass. For
the linear curve fits, m refers to the total mass of the explosive, including the detonator.

5.8.2 Post-Test Panel Measurements

The methodology used to measure the final crush distance is briefly discussed here. For
several tests the soldering process used to bond the base of the tubes to the bottom plate
is found to be insufficient. In these test cases the core tubes appear to remain in the
bottom plate cutouts and hence there is no global lateral tube movement. The solder
does fail however, and thus there is some local deformation at the tube locations that are
initially fixed to the bottom plate. For these cases, it is assumed the core tubes become
physically removed from the bottom plate after the maximum crush distance (i.e. during
rebounding) is obtained and therefore this debonding should have minimal effects on any

post-test measurements.

Crush distances are measured using a vertical height gauge. Before measurements are
taken bottom plates are removed from all panels in which the plate did not become
debonded during testing. This is accomplished by re-heating the solder and carefully
removing the tube and top plate from the bottom plate. No deformation in the tubes is
observed during this process. The crush distance for each tube is measured by positioning
the panel with the top plate facing downwards and then placing a small plate over the
exposed cross-section of the tube. The small plate has approximately the same cross-
sectional dimensions as the tubes in the panel. The distance crushed by a given tube can
then be measured at the midpoint of the small plate. The deformations in the top plate
are negligible and therefore the top plate sits nearly flush with the measuring table. For
panel B tests, all tube crush distances are measured and for panel C tests, the centre

and outermost tubes are measured (tubes 1 and 2 in Fig. 4.2).
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The experimentally obtained mid-point crush distances for all tests is presented in Fig.
5.12. A summary of experimental and finite element results is presented in Table 5.4.
Fig. 5.13 illustrates the experimentally obtained crush distances, for each core material,
including information on the skewness of the top plate after blasting. In Fig. 5.13 the
error bars indicate the minimum and maximum observed crush distances as measured at
the tubes in the panel. Figs. 5.14 - 5.17 show the crushed tubes and top plate for the
tests conducted in this study. For all photographs, the bottom plate is removed for clarity
and the panel positioned such that the top plate is facing downwards. In all figures and

tables the naming convention used for the panels is
material — panel — charge mass

where for the material field S indicates steel is the tube material and A indicates alu-

minium. The panel field corresponds to panel B or C as per Fig. 4.1.

5.8.3 Quantitative Results
5.8.3.1 Steel Tube Cores

The results of Table 5.4 and Figs. 5.12 - 5.13 show a significant increase in core crush
distance with increasing impulse. In terms of the panel B designs, a large increase in crush
is observed when moving from 53.05 Ns blast to the 62.13 Ns blast however only a small
increase is found when examining the 68.24 Ns. This is clearly due to panels reaching its
maximum impulse capacity at approximately 62.13 Ns. For test S — B — 38 is can then
be assumed that deformations near the the end of the crushing process are limited to
localised squashing of the tube beyond the maximum stroke length which induces large

forces to the base structure.

It is also of note that for test S — B — 28 the difference between the largest and smallest
measured tube crush distance is much larger than for other tests. This would appear to
indicate that for blasts that do not fully utilize the capacity of the panel, global insta-
bilities can develop. If the blast is large enough to require the full panel stroke however,
the final crush distances for each tube in the panel is nearly the same indicating a stable
response to the blast. Without the time history of the tests it is difficult to determine
if initial panel skewness develops, resulting in some of the panel tubes compacting while
others still are undergoing progressive folding. It must be noted that for all tests, for both
materials, that the differentials in observed crush distance are not symmetric. Specifi-
cally, even for large crush distance differentials, the top plate remains flat. As a result
of this, the tube within a given panel with the largest crush distance will be opposite

along a diagonal line of action from the tube with the smallest crush distance. This is
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Figure 5.12: Mid-point crush distance as a function of applied impulse for all experimental
tests cases.

an interesting result when considering the loading rig. Although the uniformity of the
pressure pulse is questionable, the loading is expected to be symmetric about the pri-
mary axis of the top plate. The observed skewness is therefore likely a result of uneven
detonation in the disk of PE4 explosive. It is also observed however that in panel tests
with large top plate skewness, the tube with the largest crush distance appears to have
buckling initiated at the trigger. Conversely, in these panels, the tube with the smallest
crush distance buckles far from the trigger. This indicates that buckling initiation may

have significant influence on the global stability of the proposed panels.

For the panels C tests, a significant increase in crush distance is observed for the two
smaller blasts. The larger blast corresponding to test S — C — 38 shows an unexpectedly
small crush distance in comparison to test S—C' —33. Despite the relatively large increase
in impulse (10.6 Ns) only a small increase in crush distance is found. A possible expla-
nation for this can be found by examining the distal end of the tubes in test § — C — 38.
Due to apparently early debonding of the tubes and the bottom plate, significant, highly
localised deformations occur in the tube at the position where the tubes are normally
bonded to the bottom plate. Plastic hinges are formed with a large angles of rotation
at these hinges. A relatively significant amount of energy can be absorbed through such
deformations while adding comparatively little to the total crush distance.
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Table 5.4: Summary of experimental results and comparisons with finite element simulations.

Test Material Ny PE4 I (Ns) Spnia () Omia (mm) Rel. error (%)
mass (g) (EXP) (FEM)

S—B-28 Steel 5 28 53.06 40.05 42.63 6.44

S~ B-—33 Steel 5 33 62.13 59.36 53.64 9.64

S—B-38 Steel 5 38 68.24 61.85 60.14 2.76

S—-C —28 Steel 9 28 55.09 14.69 23.26 58.34

S—-C 33 Steel 9 33 61.63 27.78 29.65 6.73

S—-C—38 Steel 9 38 71.63 30.90 39.24 26.99

A-B-13 Aluminium 5 13 29.17 26.65 28.35 6.38

A—-B-20 Aluminium 5 20 41.87 52.93 58.04 9.65

A—-B-—28 Aluminium 5 28 53.59 59.73 68.34 14.41

A-C-13 Aluminium 9 13 27.21 11.99 13.97 16.51

A-C-20 Aluminium 9 20 38.83 27.46 25.89 5.72

A-C—28 Aluminium g 28 54.49 51.17 50.36 1.58

Test Energy abs. (kJ) Frnax (kN) Fp, (kN) Compaction Comments

(FEM) (FEM) (FEM) (EXP) (EXP)

S—B-—28 1.743 94.36 (106.58) 40.25 N tearing, partial bottom plate debonding

S—B-—33 2.399 95.54 (106.54) 44.34 Y tube 1 debonding from top plate

5—-B-38 2.891 96.11 (106.58) 47.49 Y tearing, bottom plate debonding

§—-C 28 1.881 169.88 (191.61) 80.54 N bottom plate debonding

S—-C-33 2.359 171.27 (191.63) 80.28 N -

§—-C—38 3.189 173.13 (191.82) 81.65 N bottom plate debonding

A—-B-13 0.537 61.65 18.74 N -

A-B-20 1.109 61.67 19.02 N -

A—B-—28 1.759 61.68 24.84 Y bottom plate debonding

A-C-13 0.462 110.88 32.77 N -

A-C-20 0.946 110.97 36.55 N -

A-C-28 1.864 111.06 36.80 N -
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5.8.3.2 Aluminium Tube Cores

The aluminium tube core panels also show significant increase in midpoint crush distance
with increasing impulse, as given in Figs. 5.12 - 5.13. Only a small increase is observed
however, in test A— B — 28 over test A— B — 20 indicating that compaction has occurred
and that the maximum impulse of the panel B designs with the given geometry is ap-
proximately 41.87 Ns. As is the case for the steel tube panels, the panel B tests in which
compaction does not occur results in relatively large top plate skewness. This skewness,
characterized by large differences in tube crush distances within a given panel, does not
appear to be as severe for the aluminium tube panels as for the steel tube panels. For
the panel C tests the observed crush distance forms a strong linear trend as none of the
tests fully compact the core tubes. Visual examination of test A — C — 28 however, shows
that panel is near compaction and hence the impulse capacity of the panel C designs is
approximately 54.49 Ns. It is also worthy of note that the crush distances at the common
charge mass of 28g between the steel and aluminium cores are significantly higher in the
aluminium core panels. For the panel B tests the aluminium core panel shows a -crush
distance approximately 49 % higher than the steel tube panel subjected to the same
charge mass. For the panel C test, the aluminium tube panel shows a crush distance 248
% larger than the steel tube panel. This large percentage increase is partially due to the
unusually small crush distance found in test S — B — 28. These large increases in crush
distances when using aluminium tubes illustrates the influence that strain hardening, and
in particular, strain rate hardening has on the response of the panels under blast loading

conditions.
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5.8.4 Qualitative Results
5.8.4.1 Steel Tube Cores

Figs. 5.14 and Figs. 5.15 show the steel tube test results for panels B and C respectively.
For the panel B design under the 28 g blast the buckling mode is found to be irregular
- with each tube in the panel having lobe formations at different locations. In each of the
tubes except for the central tube, buckling appears to initiate at the indentation trigger.
In the central tube, lobe formation occurs at the proximal end of the tube, ignoring the
trigger completely. Also of note for this test is that tearing occurs along the eage of one
of the outermost tubes in the panel. For the larger blasts corresponding to 33 g and 38
g of explosive, the buckling modes are observed to be much different. In both cases, the
resulting tubes show a nearly symmetric crushing pattern. This is particularly true for
the test S — B —33. This result, when coupled with the resulting crushing pattern of test
S — B —28 indicates that the core tubes may be able to "recover” from initial instabilities
in the buckling process. It is however possible that the symmetric buckling patterns
observed are due to buckling initiation occurring at the triggers in tests S — B — 33 and
S — B — 38. For tubes that undergo significant crushing, the lobe formations are of the
symmetric type. Further to this, for panels that crush to compaction, it is found that
two to three lobes are formed in each tube where, in general, two of the lobes are large

with the third having a very small lobe size.

The results of the panel C tests show similar buckling behaviour to that of test S— B —28.
Specifically, the lobe formations are highly irregular, particularly so for tests § — C — 28
and S — C — 33. Buckling does appear to initiate at the trigger in several of the tubes
in these panels however. In test S — C — 28, buckling initiates at the trigger only in
the outermost tubes, with the largest crush distance. Buckling initiates at the trigger in .
all tubes in test S — C — 33 on the side of the panel corresponding to maximum crush
distance. For the largest blast test, S —C — 38, most of the tubes show buckling initiating
at the trigger with tubes with small crush distance buckling at the proximal ends of the
tubes. It should also be noted that the progressive buckling of tube which buckle at
the trigger appears to be confined to the upper half of the tube, closest to the top plate.
Further to this, in cases where the lobe formation are not degenerate, the lobe formations

appear to be of the symmetric type.

5.8.4.2 Aluminium Tube Cores

Figs. 5.16 and Figs. 5.17 show the steel tube test results for panels B and C respectively.
Similarly to the panel B, steel tube tests with small crush distance, the aluminium tube

panel subject to the 13 g blast shows highly irregular lobe formations. It is also found
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Fignre 5.14: Experimental and mumerical deformation of the core tubes for panel B with
steel tubes.

Lhat otdy three of the Gve tubes buckle at the trigger in this test. For the tube with the
sinaflest crush distance, extensional modes develop st the proximal and distal ends of
the tube which does nol oceur i anv ol 1he steel tube tests. For the larger blast tests
A—B-20, and A — 72 —25 buckling 1s [ound to generally be of Che progressive svimmmelnic
tvpe with some irregulacity found in the test panel 4 — 5 — 28 In this test the lobes are

found to be much larger and highly nen-uniZorm in thickness across the tube width,
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Experiment Finite Element Analysis
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Fignre 5.16: Fxpenimental and numerical deformation of the core tubes for panel B with
aluminium tubes,

redlection of the plestie stress wave forms o wrinkle at the distal end. The suthors note
Lhan for o rate seusicive material, plastic stran are distribited more evenly along the
shell lepath. Numencally, it 15 observed chat ssmmerne folds are developed in the rate
sensitive material amd not o the cate inscnsitive material. Such behaviour 15 comsistent
with the experimental ohservations of the current study wher comparing the response of
the stecl and abininiurm tubes, The expected localisation of plastic strain ar the distal

and proximal end of the shell elfectively eliminates the effeetiveness of the trigger in most
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Experiment Finite Element Analysis
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Fisnre 5,17 Exporimental and mumerical deformation of 1he core tubes [or panel C with
abamininm lubses,

CHEEN.

Although the majorite of the finite element results are discuzsed in the Tollowing sections
it 18 beneficial here to investigate numericallv, the strain localisation obzerved experiten-
tallv, TFig. 518 shows the numwerically determined equivalent plastic strain distribition,
at several titne intervals along the midline of the central tube, for tests § — B — 28 andd

A— B — 25 The titnes are given with respect to the end of the blast load. It is clear that
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for the rate-sensitive steel tubes, the strain is distributed much more uniformly along the
length of the tube than for the rate insensitive aluminium tubes. Large strains develop
initially at the proximal and distal end of the tube with strains at the proximal end
having comparable magnitude to that at the trigger. From this it is clear that careful
consideration must be given to the trigger depth in tubes composed of rate insensitive

material to ensure buckling initiates at the desired location.
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Figure 5.18: Plot of equivalent plastic strain distribution along the midline central tube
for tests (a) S—B—28 and (b) A—B—28. Strains are shown starting from the distal end
of the tube. The times are given with reference to the end of the blast load application.

It is interesting to note that in the steel tube case, test S — B — 28 and to a lesser extent,
test S — B — 38 showed tearing along the edge of one of the core tubes. The much more
brittle 6063-T6 aluminium tubes however, showed no tearing in the tube walls. This
appears to indicate that the ductility of material under uni-axial tension has little effect .

on material tearing when used as the core structure of the proposed panels.
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5.9 Finite Element Analysis of Experimental Tests

5.9.1 Prediction of Panel Crush Distance

The plot shown in Fig. 5.13 gives the finite element predictions of the final crush distances
computed using ABAQUS/Explicit. The absolute numerical values of the crush distances
are given in Table 5.4. All crush distances are measured at the panel midpoint on the
top plate. In the finite element simulations the panels crush to a maximum distance
and then undergo a slight rebounding, resulting in small amplitude oscillations in the
top plate displacement. Crush distance values are estimated as the mid-point of the

maximum and minimum crush distances within the period of oscillation.

For the steel tube results shown in Fig. 5.13a, the finite element analysis shows reasonable
agreement with the experimental tests. Correlation is found to be particularly good for
the panel B designs. For the panel C designs, the finite element predictions are not as
accurate, except for test S — C — 33 in which an accurate prediction is obtained. It was
also noted in section 5.8.3 that the experimental crush distance for test § — C' — 38 is
remarkably low and reasons were presented explaining this behaviour. For these reasons
it is expected that the finite element simulations will over-predict for this test. For test
S—(C'—28, similar reasons can be used to partially explain the over-prediction. Examining
the photograph of this test in Fig. 5.15 shows that for the central tube there are very
localised deformations at the distal end due to solder failure early in the test. As this
is the primary point of measurement this artificially reduces the total crush distance a
small amount. It should also be noted that test § — C' — 28 shows the largest relative top

plate skewness of all the tests.

The results of the finite element simulations from the aluminium tube panels are given in
Fig. 5.13b. For the panel B designs, the finite element model tends to over-predict the
crush distance, particularly in cases where the panel reaches its compacted crush distance.
The crush distance is predicted well for test case A — B — 13 where the panel does not
undergo compaction. As the finite element model over-predicts in the test that undergo
compaction, it is clear that the finite element model does not properly simulate the tube
deformation mechanisms in the region at, or beyond the maximum stroke length. The
over-predicted crush distances are likely due to the differences in lobe formation between

the finite element model and experiments. This is discussed further in the section 5.9.2.

The finite element predictions of panel C' crush distances, with aluminium tubes agree
extremely well with experimental results in all test cases. This further emphasizes the
the result that the response of the aluminium tube core panels can be predicted well

provided that the panel does not undergo compaction. This is a desirable result as it is
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important to be able to numerically predict the panel response to determine if a given

panel will compact under specified blast loading conditions.

5.9.2 Prediction of Buckling Behaviour

From a qualitative standpoint, the buckled shape of the tubes, is predicted poorly in
nearly all test cases. This can be seen by comparing the experimental tests to the fi-
nite element results in Figs. 5.14 - 5.17. The primary cause of the discrepancy is poor
performance of the hemispherical indentation trigger at the midpoint of each tube. In
experimental test cases using aluminium tubes, where the trigger is ignored, lobe forma-
tion tends to begin at the proximal and distal ends of the tubes. Numerically, buckling
begins at the trigger in all cases. This behaviour may be partially due to the numerically
predicted indentation depth exceeding the experimental one. It was noted in section 5.5
that the discrepancy in indentation depth is largest in the aluminium tubes due to the
filleted interface between the walls. This is not accounted for in the numerical model.
It is clear that a larger indentation depth should be used in the experimental panels to

obtain the same location of the initial lobe in the numerical simulations.

In all numerical simulations, buckling initiates at the trigger and progresses along the
lower half of the tube. This also appears to be contrary to the experimental behaviour,
particularly in the steel tube panels. In these panels, the experiments show buckling to
be confined to the proximal end, close to the top plate, even for tubes that buckle at
the trigger. It is unclear how successive lobes form in the experimental aluminium tube
panels as the given tests that are not at or near compaction only have lobe formations
at the distal and proximal ends of the tube. For tests which use the full stroke of the
tube it is inconclusive as to how the lobes form with respect to time. It should be noted
that in the photographs of the experimental tests, the section of the tube that is initially
constrained by the bottom plate is included.

The size, and hence the number of lobes is determined reasonably well in the numerical
simulations of the steel tube panels. For the steel tubes, the large strain hardening and
strain rate hardening leads to increased lobe size in comparison with the aluminium tubes.
In the fully crushed panels, the number of lobes in the numerical simulations is found
be between three and four which compares favorably with the experiments. Of interest
however is that in the finite element simulations, due to the progressive buckling being
confined to the lower half of the tubes, localised compaction occurs. This is a process
where lobes which have already been formed become compressed further, despite the
upper half of the tube remaining unbuckled. This is found to be a temporary phenomenon
as folds begin to form in the upper half of the tube. This is discussed further in the

following section. In terms of buckling mode however, this process has the effect of
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reducing the lobe size in the lobes closest to the base of the tubes. This can be seen in
Fig. 5.14.

The size of the lobes in simulations of the aluminium tube panels is found to be smaller
than that of the experimental tests. This behaviour is found to be particularly true for
the simulation of test case A — C — 28. This is again partially due to the localisation of
buckling to a single end of the tube where lobes become crushed despite the full stroke of
the tubes not being utilised. A further contribution to the underestimation of lobe size
may also be from underestimation of the hardening properties of the 6063-T6 aluminium.
It was determined in section 3.3.2, using tensile test simulation that the strain hardening
beyond the UTS of the material to be negligible which may not be entirely accurate.
This is further supported by examining the quasi-static force-displacement curves shown
in Fig. 5.7. An underestimation of the strain hardening may explain why the numerically
computed reaction force has a lower minimum value than the experimental curves. The
material is also assumed to be completely rate insensitive however it is possible that slight
rate sensitivity exists in the material which cannot be measured using the SHPB setup

utilised is section 3.4.

Despite the poor prediction of the local folding behaviour of the tubes within the panel
the crush distance is predicted well in nearly all test cases. This indicates that global
response of the panels can be predicted accurately, however local behaviour of the panel
core requires further research. Specifically, the implementation of the trigger requires

further investigation into the effect of the trigger on localised deformation patterns.

5.9.3 Energy Absorption Properties of the Experimental Panels

As it has been determined that the global response of the proposed panels is predicted -
reasonably well it is interesting to examine further, the finite element simulations of the
experiments. Specifically, the force transfer and energy absorption properties of the panels
is numerically investigated. Figs. 5.19 and 5.20 give plots of the force-displacement curves
and energy absorption partitioning for the steel and aluminium core panels respectively.
The forces shown in the figures are obtained as the summation of the reaction forces at
the distal end of each tube in the panel. As the top and bottom plates do not come into
contact during the simulations, these forces represent the total force transfer to the rigid
body at the base of the panels. For all force and energy plots, the curves are shown up

to maximum of the average tube displacement, measured at the corners of the tubes.

The peak and mean forces as measured up to maximum displacement are shown in Table
5.4. The mean force however, is a function of displacement and hence comparing the

mean force at maximum crush distance is not necessarily appropriate for an application
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the core and top plate for the finite elemnent analvsis of cxportents on steel tube panels,

such az this where'the erush distance is not Lhe same for all tests. The mean crush foree
as function of displacement for the steel anc aluminbun tive panels is siven in Figs.
3.212 and 5.21b respectivelv. It is clear [rom these plots 1hal Lhe mean force peaks atf
lhe onser of local buckling and then decreases amd eventually asviplotes Lo a nearly
constant level provided the tuves crush a sullicien! distance. T 1 clear, prunarily in
the panel €7 tests that even if a panel has higher mean Jorce levels 1han anaother test
thronghout their commen crush distance that the panel that erushes [urther may still
have a nearly identical, or possivle lower mean foree al the maximmm erush distance.
Thes imphes that when comparing mean force levels of various panels Lo oblain energy
absorption properties one must eonsider the mean [oree over Lhe full erash dislance aud

ol the value at maximum crush distance,

For 1 he stecl tabe pancls, there ts & clear increase in absorved enerey at a given displace-

rment when increasing Lhe applied impualse. As the annealed mild steel 1s rate sensitive
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Lube panels.

this resull is not unexnected, This rate sensitivity also resulls a4 slight inerease 10 neak
fowee levels with mereasing impulse, Of note for the steel tube Lesls is that the peak
reaction foree daes ot correspond to the dynamic buckCing load of the tubes. Fxamina-
Lion of Fig. 5.7% shows an mstantaneous spike in the reacuioa foree due to the inertia of
vhe tube st The magnitude of this peak reaction furce is independent of the loading
velocily, This spike in the reaction foree is cominon in the dvnamic ernshing of tubes. For
e crrcent application, the spike i reaction force actually exceeds the eritical buckling
[oree, For Uhis resson. it must be noted that for all calealations regnirhug the peak force.

the vrue eritica. buekling foree is nsed,

The duration of the iaitial compressive phase Is also increased significantiy al hisher
impu.ses due Lo nercased vewocity o the top plate causing more shorteaing in the tabe

at the onset of bucklaw Lhis elongated compressive phase of buekling resulis in the
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Fisure 5.21: Numerically computed mean crush force as a funetion of axial displacement
for (a) Steel tube core tests and (b) Aluminium tube corve tests,

diverzence of the core dissipated energy curves-shewn in Fig. 5.19b. This increase in
energy shsorption, and hence menn foree levels iz not restricted to rate sensitive materials
however as will he discusser] shortly

Exaniining the mean [oree levels shown o Fip, 520 illustrates how sipnilicantiv the
inereased impulse, and Sence ineressed compressive phise, fas on the mean crushing
[oree. [t is also ‘nteresting to uote that the lnerease In mean lorce levels with inereasing
unnilse appears 1o he privmarly confined to the initial phase of backling, This would
indicate that strain rate efiects play a comparatively small role in the ncreazed cnerey
abworption when moving 1o higher Jmpulses. It 1= however clear, [rom examining the
qliasi-static mean crish forees presented in Table 5.3, accounting [or the number of tubes
in the panel, and comparing to the mean crush forces under blast loading, that strain
rate effects have sipnificant infuence on the mean crush foree, It is also interesting
to note a sma:l increase in mean force level in tests 5 — B — 33 and 8 — B — 38 at
approximately 45 mm displacement. Thais is due to localized compaction of the tubes
as A result of progressive [olding heing conlined to the bottom Lalf of the tube. The
force-cisplacement. curves [rom the tess shown in Fig. 5.19a show a monotonie increase
i1 [oree levels well bevond the previous pesk load winel 15 usually indicative of erisiaing
bovond the capacity of the tube. This 1s s result o increasced squasaing of fae lobes whieh
Liave alveady heen completely formed. Folds are however then formed in the top hall of
the tubes awd progressive, svinmoetric bhuckling then continues until the wmput cocrgy nas

been dissipated.

As is the the case for the steel tube cores, the aluminium tube panels show a clear inerease
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in mean force levels when increasing the blast impulse, and hence the velocity of the top
plate. This is an interesting result as the material model for the aluminium assumes strain
rate insensitivity. In studies by Langseth et al. [118,119] the authors observed similar
behaviour in square aluminium tubes, including a T6 temper alloy similar to that studied
here. The authors found significant increases in the mean dynamic load over the quasi-
static load despite the rate insensitivity of the material. The phenomenon is attributed
to lateral inertia effects in the side walls associated with a high velocity impact. It was
also determined by Langseth et al. that the increased mean load is specifically related to
impact velocity and not impact energy as no discernible increase in mean load was found

when increasing the impact mass while maintaining a constant impact velocity.

In the present study, it is clear from Fig. 5.20 that the primary differences between
the tests at increasing impulse is during the initial compression phase. This phase is
characterised in the force-deformation curve by the region of deformation up to the onset
of buckling. This onset of buckling clearly occurs at larger axial displacements with
increasing impulse, however the force at which buckling occurs is unchanged. Thus, the
time and the force at which buckling occurs is invariant however, the higher velocity top
plate results in more compression during this time therefore increasing the dissipated
plastic energy at the onset of buckling. This is in partial contrast to the findings of
Langseth et al. [119]. They found that the lateral inertia effects stiffened the tube,
delaying the onset of buckling, thereby increasing the peak buckling load. The study
by Langseth et al. [119] used only imperfection-type triggers however, as opposed to the
relatively large indentations used here. For the present study, it is clear that the initial
compression phase is increased in terms of energy absorption however the peak load is
controlled entirely by the indentation depth and not by lateral inertia effects. This is
significant in terms of the experimental tests in that several of the tubes do not buckle
at the trigger but instead buckle near the top or bottom of the tube. The peak buckling -
load in these tubes must be assumed significantly higher than those that buckle at the
trigger. This is consistent with the experimental observations that the crush distance is
higher in the panel locations where the tubes appear to initiate buckling at the trigger.
The delay in loacalised buckling in the tubes which do not buckle at the trigger appears

to have significant influence on the global stability of the panels.

As with the steel core panels, it is interesting to analyze the mean crush force levels as a
function of crush distance for the aluminium tube panels. As with the steel tubes panels,
the increase in mean force appears to be dominated by the initial compression phase of
buckling. This phase is also shown to by considerably longer, in terms of displacement at
the onset of buckling, in the panel B simulations. This would indicate that for the rate-
insensitive aluminium tubes, the energy absorbed during the initial compression phase is

highly sensitive to the velocity of the top plate which is increased in the panel B tests due
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to lower core resistance during the application of the load. This effect is so pronounced
that the absorbed energy of the smallest blast in a panel C test (A — C' — 13) is nearly
identical to that of the largest blast panel B test (A — B — 28) at a crush distance of

approximately 4.8 mm.

5.9.3.1 Panel Efficiency Measures

A final note is made regarding some of the efficiency parameters described in section
4.6.1. The results for selected efficiency measures along with the final mean crush force

for the numerical simulations of the experimental tests are shown in Table 5.5.

The deformation efficiency ger is clearly higher in panel B tests and increases with in-
creasing impulse. This is largely irrelevant however, as it is directly a function of the
applied impulse. It does provide a direct measure of comparison for how much of the
panel stroke is utilised for a given load. The same trends and limitations also apply to

the total efficiency &ioiar-

The crush force efficiency is generally considered to be of critical importance when eval-
uating the performance of an absorber. For the steel tube, panel B simulations, the
crush force efficiency increases with increasing impulse. This is expected as the peak
force shows only small increases with increasing impulse however energy absorption be-
fore the onset of buckling is significant. For the panel C' designs however the crush force
efficiency is found to be nearly constant and of approximately the same magnitude as
test § — B — 33. This is however, due to low crush distances not allowing for the mean
crush force to approach it’s asymptotic level. This further emphasis the need to evaluate
the performance of an absorber over the full range of deformation, as opposed to single

parameters obtained at the final crush distance.

The aluminium tube panels show a lower crush force efficiency than the steel tube panels
with identical geometric characteristics. As opposed to the panel B tests with steel tubes,
the value of &.un is nearly identical between tests A — B — 13 and A — B — 20. This
is expected however, as the asymptotic mean crush force increases only slightly with
increasing impulse, despite the large increase in mean force observed at smaller crush
distances. As the material is assumed to be rate insensitive, the increased mean load is
primarily confined to the compressive phase of buckling and becomes of less importance
at larger crush distances. The crush force efficiency is artificially high in test A—B-28
due to a large mean force resulting from panel compaction. As is the case with the steel
tube panels, the crush force efficiency for the panel C tests is found to be similar to that

of the the panel B tests with a slight increase in efficiency with increasing impulse.

The core efficiency parameter &, simply measures the partitioning of the plastic dissi-
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pation between the tubes and the top plate. This is generally an important measure as
large plastic deformations in the top plate may lead to global buckling of the core tubes
and hence failure of the panel in terms of structural protection. Because of the thick top
plate used in the experiments, only small deformations are observed, experimentally and
numerically. This is quantitatively observed by examining the core efficiencies presented
in Table 5.5. In all test cases the panel core absorbs nearly all of the required kinetic
energy. For all tests using steel tubes, the ratio of energy absorbed in the tube to the
energy absorbed in the top plate is nearly constant with a higher core efficiency found
in the panel C simulations. Increased core efficiency with increasing number of tubes
in the panel is expected as the tubes effectively constrain the motion of the top plate.
Similar core efficiencies are found in the aluminium tube panels with only test A — B — 20
having a significantly smaller core efficiency. This is due to the core tubes compacting
while significant kinetic energy remains to be dissipated. The top plate therefore under-
goes plastic deformation, primarily at the corners of the plate. This increase in plastic
deformation in the top plate, near the end of the dissipation process, can clearly be seen
in Fig. 5.20.

Table 5.5: Panel efficiencies obtained from the finite element simulations of experimental
tests.

Test F m (kN> gdef gcrush Etotal fcore

S—B-28 40.25 0.578 0.427 0.246 0.925
S—B-33 44.34 0.722 0.464 0.335 0.927
S—B-—38 47.49 0.812 0.494 0.401 0.925
S—C~—28 80.54 0.311 0.474 0.148 0.942
S—-C—-33 80.28 0.392 0.469 0.183 0.942
S~C-38 81.65 0.521 0.472 0.246 0.940
A—B-13 18.74 0.382 0.304 0.116 0.932
A—-B-20 19.02 0.778 0.309 0.240 0.935
A-B-—28 24.84 0.944 0.403 0.380 0.904
A-C-13 32.77 0.188 0.296 0.056 0.929
A-C-20 36.55 0.345 0.329 0.114 0.935
A—-C— 38 36.80 0.675 0.331 0.224 0.933
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5.9.4 Temperature Effects

Thermal softening of the material due to heat generated through plastic work, contrasts
the strain-rate hardening in the high velocity dynamic crushing of tube structures. It is of
interest to determine what temperatures are expected and the influence that these changes
in temperature have on the response of the panels to blast loading. To compare and
understand the increase in temperature due to the creation of plastic folds, a steel tube
and an aluminium tube panel are examined, both of which show large crush distances.
Specifically, simulations of tests A— B —20 and S— B — 38 are investigated. Temperatures
are observed at the nodes along the midline of the tube. Temperature distribution along
this path at the final crush distance is shown in Fig. 5.22a. The distance along the tube

is normalized with zero referring to the distal end of the tube.

For both materials, the increase in temperature along the axis is not substantial, however
the increase is significant enough to warrant temperature inclusion in the material model.
This can be seen by examining the temperature effects on the stress-strain curves shown
in Fig. 3.15. It must be noted that the temperatures along the middle of tube, as shown
here will be lower than at the corners of the plastic folds created during the crushing
process. In these locations, large localised plastic strains, and hence large temperatures
develop. It is more Important however to examine the temperatures at the middle of
the lobe. The peak temperatures in Fig. 5.22a are located at the centre of the plastic
hinges created by the folding process. Of note is the highly localised temperatures in the
aluminium tubes, as opposed to the steel tubes. This is a result of the much smaller lobe
sizes in the aluminium tubes. In the steel tube panel, the decay in temperature is much
more gradual. High temperatures are also found at the constrained boundaries at the

proximal and distal end of the tubes for both materials.

To understand the significance, if any, of thermal softening on the response of the panels,
finite element simulations are conducted without adiabatic temperature effects. The
force-displacement behaviour of tests A — B — 20 and S — B — 33, with and without
temperature effects is shown in Fig. 5.22. Slightly larger force levels are observed when
neglecting temperature although the difference is negligible in the aluminium tube case.
The maximum crush distance is slightly shortened as a result of this. It is clear that
temperature effects, although not significant should be included in the finite element

model of the panels.
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Chapter 6

Analytical Modelling

6.1 Introduction

In this chapter, simple analytical results are presented. The purpose of this is to provide
elementary, closed form design formulae4 that can be used to estimate the response of the
panels investigated in this study under blast loading. This is accomplished by partitioning
the response into two phases, the first being the blast itself and the second being the
crushing of the core tubes. The first phase is analyzed from the viewpoint of elementary
stress wave transfer. The purpose of this is to determine the kinetic energy remaining to
be dissipated by the panels after the blast event. Once this has been determined, well
established results for the crushing of thin-walled square tubes can be used to obtain
the global response of the panels to a given blast load. Further to this, critical design
parameters can be obtained that provide further understanding of the behaviour of the
panels under blast loads. A final analytical investigation is undertaken to compare the .
response of the proposed panels to those using lightweight aluminium foam core panels.
Such a study is important as it allows for a comparison of the thin-walled tube core
paradigm with another type of core as opposed to simply comparing different tube based

cores.

6.2 Phase I: Application of Blast Load

6.2.1 Model Assumptions

A simple analysis of the impulse transfer during the application of pressure pulse is given
here. This analysis is done to obtain reasonable estimations of the top plate velocity

and impulse transferred during application of the load. A complete understanding of the
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stress state behaviour within the tubes during the first phase of panel response aids in

the prediction in post-bucking deformation.

First, the following assumptions are made to simplify the analysis. The top plate is
considered to be rigid. This is necessary as the analysis is based on the top plate being
a non-deformable mass which transfers the impulse to the panel core. The assumption is
justified as deformations are minimal, provided the pulse duration is short. The second
assumption is that the material can be characterised with a bi-linear stress-strain curve.

This implies that that state of stress is defined as

(6.1)

FEs 0<e<e
Ee, +Ge —¢y) €>¢y

where F is the elastic modulus of the material, G is the hardening modulus and €, is the
strain at yield. Fig. 6.1 illustrates such constitutive behaviour. Also given in Figure 6.1
is the plastically dissipated energy and stored elastic energy for an arbitrary stress-strain
pair (o,¢). For all calculations done in section 6.2 a yield stress o, = 225MPa and a
hardening modulus of G = 700 MPa is assumed. These values correspond closely to the
material properties obtained in chapter 3. It should be noted that strain-rate sensitivity

of the material is not included in the analysis of phase L.

o+ Plastically
dissipated energy 7
[
G /1
(o [N B /o )
y ¢y Stored elastic
| Aymy
!
| |
E! JE
&y £

Figure 6.1: Idealised bi-linear material model used in the modeling of panel response
during blast loading.

In addition to the the simplified material model during phase I, in terms of modelling the

blast load, the analysis assumes a pressure pulse of the form

F 0<t<ti

P(t) = { ' (6.2)

0 t> 1y

where Fp is a constant pressure and ¢, is the pulse duration.
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G.2.2 Finite Element Model

Tt should b noted chat for all finite elomont comparisons in scction 6.2 the panels liave
goometrie parameters e = 06 mm, fip = A0 mm. and B = 4 As Lhe top plate is
considered rigid lor 12e analvsis the value of A iz of little importance nowever values
of A 0.330,0.650, and 0.750 are used in modelling panels 4, B, and ¢ respectively,
Although the analvsis in section 6.2 18 formnulated for au avbitrary linear elastic material
with incar hardening properties, finite eloment comparisons during application ot the
Iast load are made using » material similar to that of the annealed mild steel. This is for
the sake of brevity and is reasonable as strain rate effects are not included iv the analytical
made! during the blast lvad application, Models are implemented in ABAQUS /Explicit
ag cdescribed in chapter 4, however rigid elements are used in modelling toe top plate.
The simple bi-linear waterial moddel described in this section is lmplemented using the
Jonnzon-Cook material model with A 225 MDPa, B 700 MPa and n — 1.

6.2.3 Elastic-Plastic Wave Propagalion

This anitiand transter ot upulse to tie tubes 15 analyaed using simple one dimensional wave
propagalion, Ficure 6.2a illosirales the siople model used neye witii the elastic-plastic
wave propagation Llustrated for a gingle tube. Initia: impertections in the tube geometyy

are lgnored for simplicity, Tigure 626 shows the frec-body diagram of the top plate

= N B
- \
Pl | § Po- Ap—nl |e— o 41y
= N\
md N
o \_ . : \ '_r
Gt |

e

ta) {h)

Figure 6.2: (a) Sitess wave model of 100 proposed pancls, (b) Free body diagran of the
Lo plato.
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subject to a constant pressure Fy. The term A, refers to the area of a single tube while

n, is the number of tubes in the panel. The stress in the tubes oy is defined as
Oy = ptce?) (63)

where p; is the material density, v is the particle velocity, and C, is the elastic wave speed

given as

C. = (6.4)

E
Pt
The first thing to consider is when yielding of the tube material occurs, and how that
is related to the blast duration. From this, the momentum transfer due to elastic wave

propagation can be obtained. Balancing the forces in Figure 6.2 gives

dv

P()Ap — ntO'tAt = Mp(—i‘g

(6.5)

where A, and M, are the plate area and mass respectively and v is the instantaneous
plate velocity and since the plate is rigid, the particle velocity at the interface of the
tubes and the plate are equal. Eq. (6.5) gives a simple separable differential equation.
Firstly, The particle velocity at yield can be calculated as

.
V= —%
Y ptcc

(6.6)

Separating the variables and setting up the integral gives

Vy M. ty
; dv= / dt 6.7
/D POAp - ptntCeAt'U 0 ( )

the limits of integration V, and , are the particle velocity and time at yield. Therefore

(V)= M / " dv (6.8)
t = i .
Y P 0 POAp - ptntOeAtv
integrating this equation gives the final expression for the yielding time
M ptntAtCeV
t (V)= ——2—1In (1 o 6.9
Y( y) ptntCeAt POAp . ( )

Figure 6.3a shows the time to yield for the annealed mild steel as a function of pulse
duration given by Eq. (6.9) for a constant impulse of 50 Ns. It is clear from this figure
that the core tubes yield significantly before the end of the pulse. Although not figured,

identical aluminium tubes give a blast duration to yield ratio of approximately 6 — 7.
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Once t, has been determined the progress of the elastic stress wave is simply
de = Cit,y (6.10)

The impulse transferred to the tubes due to the elastic wave at yield and at the end of

the blast event are calculated respectively as

I, = Vydopeng Ag (6.11)
and

Io = VyCetopyny As (6.12)

The slower plastic wave speed is governed primarily by the hardening modulus of the

material and is given by

Col =

¢ (6.13)

The particle velocity within the plastic wave due to the elastic and plastic stress waves
is then expressed as

o — oy
Pthl

Vi = Vo + (6.14)

The impulse transferred to the tubes within the region of the plastic wave at the end of

the blast event is therefore
Ip] = VLICPI (t() - ty> ptntAt (615)

This implies that the total impulse applied at the end of the blast event is dependent on
Vi and hence, the total strain in the tubes at ¢ = .
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Figure 6.3: (a) Plot of the ratio of blast duration ¢, to yield time as a function of blast
duration. (b) Plot of the total impulse transfer suing application of the blast load as a

function the blast duration. For both plots the panel investigated is the annealed mild
steel and has geometric parameters hyepyy = 0.6 mm, h, = 3.0 mm, and R = 4.

6.2.4 Prediction of Peak Top Plate Velocity

Perhaps the most important prediction is that of determining the particle velocity at the
tube-top plate interface, and hence the velocity of the top plate at the end of the blast
event, denoted V. This is important as it allows the engineer to predict the amount of
energy that needs to be absorbed by the crushing process. A simple approximation can

be used as given is Eq. (6.16)

I
Appp by

Vo = (6.16)
Where I is the prescribed blast impulse, p, and h,, are the top plate density and thickness
respectively. Note that from this point onwards the plate mass is expressed as M, =
Appphy in order to have the design equations expressed explicitly in terms of the top
plate thickness. Eq. (6.16) assumes that the impulse applied from the blast causes the
plate to instantaneously attain the velocity V. This is only true if the top plate is
detached from the tubes and allowed to attain the maximum velocity. The top plate

velocity will approach the value as the pulse duration approaches zero. Specifically,

I
lim Vy =

6.17
to—0 Appphy ( )
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A more accurate expression for initial top velocity can be obtained by assuming that
the particle velocity in the tubes over the entire plastic wave is at the top plate velocity
at ¢ = t5. Under this assumption, the total applied impulse can be partitioned as the
momentum in the plate after the blast event plus the impulse transfer within the elastic
and plastic stress waves. Keeping in mind that a portion of the particle velocity in plastic
portion of the stress wave is due to elastic wave propagation, the impulse partitioning

can be described as
I'= Iplate + Ipl + Ie - Ipl, e ; (618)

where I, . is the impulse transfer within the plastic stress wave due to elastic wave
propagation. If using the results in the previous section, the impulse partitioning can be

expressed as
I = VoAppphp + Vol (to — ty) ping Ay + Vi, {Coto — C,, (to — ty) } prngAe (6.19)

therefore, the peak velocity of the top plate, in terms of the panel design variables can

be approximated as

_ I - 4‘/;, {Ceto - Cp (t() - t},)} ptnthtl/R

Vi
0 Appphy +4C5 (to — ty) nephil /R

(6.20)
From this expression it can clearly be seen that as the pulse duration ¢y (and yield time
t,) approaches zero, the initial top plate velocity approaches the velocity obtained by Eq.
(6.16). Under the assumption that the entire plastic wave is travelling at this velocity,

the impulse transferred to the tubes due to the elastic and plastic stress waves is given
in Fig. 6.3b for a 50 Ns blast.

The peak velocity of the top plate as a function of pulse duration for a fixed impulse of
50 Ns is given in Fig 6.4 using Eq. (6.20). The analytical predictions for the top plate
velocity agree well with the finite element results for small pulse durations however for
longer pulses, the analytical predictions underestimate the peak velocity slightly. This is
expected however, when examining the assumed stress state in the tubes as shown in Fig
6.2. The assumed constant levels of stress are not instantly obtained when subjected to
the elastic and then plastic stress wave and in actuality will ramp up to the assumed stress
level. This results in a slight overestimation of impulse transfer during the compressive

phase of blast transfer, and hence a lower peak velocity.
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Fiagure 6.4 Plor comparing the peak top plate velocity as a funiction of blast duration
fur punels A, 3 and . The geometric parameters of the panels are f, {1.6 2112,
hy = 3.0vm, and B = 4.

6.3 Phasc II: Panel Response

A simple thearetical omalysis iy givem to prediet the enerey absorption properties of various
panels. The basis of the simple analytical predictions 1= to reformulate the problem using
well established theary of 2 tnbe struecture impacted by a given mass st welocity ¥,
Under normeal impact conditions, the proximal end of the tube attains the impact velooity
instantaneatsly however, as describaed i Lhe provions seetion this is nos the case for hlast
loading, 'The eneray absorbed by the core tnbes during this fnitial eompression phase is
not acecunied for inlhe anadvlical models presented o the bterature. For this reasomn,
the theury presenied here forcwlates Lhe problem 1 torns of dissipating the eneregy in
the svstemn after application of the blast load. Tn other words. the theory models the
remaining impulse transfer fo the base of vhe struciure after the iitial compression of
the tubes during the blast load. This simplifieation is clearly ondy valid for short pressure
pulses where the total kinetic energy to be dissipwed by Lhe folding process s nearly

copanl to the external work applied the panels,

The methed used here is a4 swiler approach to thet of Keragivzove et al, 8] where the
alhor detertninged the the veloeity at the proxiniz] end of the tube, and hence the enstsv
reruziniug Lo be absorbed. it the end of the initial compression phase for a tube with an
attached miass smbjeel 1o blisl Joading. These pararmeters are then used to modily existing
forrinlae for mean crushing forees, In the aforementioned studsy however, the attaclied
asy artains it peake velocity instantancously doe Lo the short pulse duration snd single

tithe conliguratton, The auzlvsis of Karegiozova ef gl focuses on the analvtical modelling
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of the compression phase of the tube crushing process and energy absorbed during this
process. The present study cannot assume this instantaneous attainment of velocity and
instead determines the energy dissipated during the blast event while the tubes are in
compression. This is an important distinction however in the study by Karagiozova et al.
and the present study the objective is to obtain a more realistic expression for the input

energy required in existing analytical formulae.

For the proceeding discussion, the following assumptions are made in the analytical model

e The blast duration is short compared to the duration of crushing.

The material is perfectly plastic.

The shorting of the tube during the application of the blast load is negligible.

The tubes in the panel core are long enough that simple elastic-plastic wave prop-

agation theory can be used to model the stress state during the blast load.

The energy absorbed by the top plate is negligible.

The first assumption is required due to the difficulty in modelling the tube behaviour
in the case where simple propagation of a stress wave along the length of a square tube
cannot be assumed. The result of Fig. 6.4 also shows that predicting the peak velocity
of the top plate is difficult for longer pulses. The assumption of perfectly plastic material
behaviour is common in analytical modelling and is required for several formulae. The
accurate determination of this characteristic stress is discussed in the next section. The
assumption of no tube shortening during the blast event is acceptable as the shorting
is very small relative to the length of the tube and this shortening only influences the
tube dimensions and stroke capacity in a negligible way. The fourth assumption implies
that the tubes must be long enough such that stress wave reflections do not need to be
accounted for in the model. The reflection will cause errors in the model if the pulse
duration tq > 21/C,. In other words, the pulse duration must not be long enough such
that the elastic stress wave can travel the length of the tube and back to the top plate. As
the tube thickness is fixed at 75.0 mm for the study this corresponds to an approximate
maximum pulse duration of 30 us. The final assumption is required as the deformation
process within the top plate is very complex in general due to the boundary conditions,
and is beyond the scope of this study. For relatively thick top plates under uniform

loading however, this assumption is acceptable.
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6.3.1 Mean Crushing Force

To obtain reasonably accurate results under dynamic loading, strain rate effects must be
accounted for. Although the plastic strain rate is difficult to measure in a tube under

progressive folding, Abramowicz and Jones [17] estimate that it can be expressed as
€p = 0.33V,R/1 (6.21)

where Vj is the initial plate velocity, R is the aspect ratio and [ is the tube length. It
should be noted that the tube aspect ratio refers to the mean aspect ratio of the tube
and not the outer width. This is is keeping with standard practice is the analysis of shell
structures [118]. Furthermore, direct comparisons with finite element shell solutions are

possible. Eq. (6.21) can then be combined with the Cowper-Symonds relation

1

04 &.‘p g
— = |1 —= 6.22
Os { * (D) } (6.22)
which was discussed in detail in section 3.5.2. Abramowicz and Jones [17] presented

a simple formula for the mean dynamic crushing load of a square tube under dynamic

loading. The formula scales the static crushing load F¢ as

Fst 1/3
A;; = 52.22 (ﬁ) (6.23)

where M, is the plastic collapse moment of the square cross section given by My = o.hZ/4.
Note that Eq. (6.23) assumes a symmetric buckling mode. Some of the panels investigated
here may not buckle symmetrically and could show asymmetric mixed mode B collapse

for example. In this case, the static mean collapse mode in then expressed as [17]

Fsg l 1/3 l 2/3
m _ 4590 [ —— 175 ([ 1.02 6.24
M, (htR> + (htR) 1.0 (6.24)

The remainder of the analysis assumes a symmetric collapse mode for brevity. A large
range of tube thicknesses are investigated analytically, many of which would be considered
relatively thick and hence would buckle in a mixed mode as opposed to symmetric mode.
It is assumed in the analysis that a trigger, such a circular cut-out, or indentation in used

in the panel which induces symmtric buckling.

In the above equations, the term o, is the characteristic stress which idealises the plastic
flow of the material as perfectly plastic. There are various methods to account for strain

hardening in the calculation of o.. A commonly used equation [118,153] for determining
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the enerpy aquivalent How siross s

¢ I L B Tp
iy Lc‘rir:'fu;.!' jitis) '6.23)
wher
== i plrianle 4 - 1,83 (6.26)
_-:_1._-. il ;

e DURleE. S =TReY,. =13 (6.27)
where = = I R/ This methodolosy of asng a geometric dependent characterisiio How

stross Is pariioularly appropriate for the present study where a large range of tube ge-
ot rics are examined, Fig 6.5 gives a contour plot of thetvariation in the characteristic
stress a8 @ function of tiube geometry for the anpealed mild steel. The eguivalent plot
of aluminum w nol shown as the material 15 nearly perfectly plastie for larger sirams
aned henee the characteristie stress s almost equivalent Lo this platean stress for all gnbe
peometries, It should be vored that the simplified bi-linear material model of seetion
6.2 s nol used bere but nstead the true-stress strain curves given = sechion 3.3.2 are
used, The hardening modulus & is is still required however for determination of Vi and
15 comynzed using the siope of the linear fit of the trae stress-strain eneve up fo the UTS

of Lhe material,

15

5 0.55 .5 06F

1,75

uli s
b, (remj

Figure 6.5; Contour plot showing the variation in the energy equivalent vield stross as o
futiesion of tube geometry for the annealed mild stecl nsed in this stady.

Onece the characteristic stress 15 determined the mean foree can be computod, Fa. (6.22)
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is used to scale the mean load as

Fiv 0.33VoR\ @
Pt ID

(6.28)

Therefore scaling the expression in Eq. (6.23) and substituting for My gives

s (1\3 0.33V5R) #
g 3 b
F, = 13.050.h; (R) {1+ (mlD > } (6.29)

This expression for the mean force has been shown to underestimate the true mean
load {8]. Eq. (6.29) is derived based on the bending energy of the folding mechanism and
assumes that the initial compression phase is a negligible portion of the absorbed energy.
This is only true however if the impacting mass is much larger than the mass of the tube.
Experiments reported by Karagiozova and Jones [24] and Karagiozova et al. [8] found that
a tube subjected to a high velocity, small mass impact will have a considerably shorter
deformed length ¢ than what is predicted by Eq. (6.29). High velocity impacts allow for
lateral inertia effects to become predominant which results in the tube supporting the
unbuckled shape for a longer period of time. As a result, the energy absorbing capacity

of a tube is increased with increasing striker velocity.

6.3.2 Panel Capacity and Stroke Length

Some simple expressions are given here to predict the energy absorption capacity and
crush distance of the proposed panels under blast loading. Firstly, Jones [14] determined

that the ratio of maximum crush distance 4.« to tube length to be

Omax

for square tubes buckling in a progressive symmetric mode. For a panel with n, tubes
of length [ in the core, it is assumed that each tube has the same mean crush force F,

therefore the total energy absorption capacity of the core is

Emax = ntFmStel (631)

Inasmuch as Eq. (6.29) underestimates the mean load in a single tube, Eq. (6.31) will
underestimate the capacity of the panel n;—fold. This is in addition to the underestima-
tion from the energy dissipated due to plastic deformation in the top plate. Using Eq.
(6.31) as a simple design formula may over-design the panel at higher impulses but will

provide a good factor of safety.
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To examine the response of the panels further, some simple results from Jones [14] are

presented. It is clear from a simple free body diagram that

dv

ek, = —Appphpa

(6.32)

where v(0) = V; and v(tmax) = 0 where t,,, is the response duration. That is, at
t = tmax all the kinetic energy from the blast is assumed to have been dissipated by the
tubes. Therefore solving for dv/dt, integrating with respect to time and using the initial
condition v(0) = V, gives

ntFmt
— dt = — / dt = v(t) =V — 6.33
/ Appp ( ) ° Appphy ( )

integrating Eq. (6.33) further with respect to time and applying the initial condition

u(0) = 0 gives the deformation-time history

ny ot } nyF o, t?
ul(t) = Vo — dt = Vot — ——— 6.34
( ) / { ° Appphy ° 2Ap.0php ( )

To find the total panel response duration t,,, Eq. (6.33) is solved for ¢ with v = 0 as this
is when motion ceases. This gives
AppphpVo
[ T 6.35
ntF m ( )
Alternatively, solving du/dt = 0 for t will give the same result. The maximum crush
distance, assuming compaction does not occur, is then simply u(t,) which is expressed
as
Appphp Vs

If the energy absorption capacity of the core tubes is insufficient to absorb the blast then
the deformation may not reach v = uy, and the core compacts. This is an undesirable
result as the forces at the base of the panel may exceed the peak buckling load of the
tubes by several orders of magnitude. To determine the time when this occurs, the
deformation-time relationship given in Eq. (6.34) is compared to the maximum allowable
deformation St.l. This relation is then solved for ¢ to give the time at which compaction

OoCccurs as

VOAppp — /Appphp (VEAppohy — 20 FinStol)
¢ N

(6.37)

Therefore if {. > t,, then the panel will be able to absorb the prescribed blast load. The
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complete solution to the equation of motion is given by

¢

0 t <0
s Fin t2
VOt"’z;fppphp 0<t<t, and t <t
u(t) = ¢ 6.38
t ApohsVd  p >t and t <t (6:38)
| St t>1,

It is of interest to analytically be able to predict the critical parameters which influence a
panel’s ability to absorb blast loading. A panel utilizes its full energy absorbing capacity
if u, = Stl. In other words, the blast is dissipated completely when the tube has crushed
a distance exactly equal to its maximum stroke length. This relation, expanded in terms

of the tube parameters is

KApPphp Vi

moohy ()% {1+ (222555) ¢}

= St,l (6.39)

where x = 0.038314. For a fixed panel design, the impulse capacity of the panel is
found by first solving Eq. (6.39) for V, using an appropriate root finding algorithm
(i.e. Newton’s method) in Matlab. The solution to the problem is denoted Vg™*. The

maximum impulse the panel can sustain is therefore

Inax = V5™ {Appphy + 40 (to — ty) nupshil / R} (6.40)
+4V, {Cety — Cp (to — ty) } penehel /R
Alternatively, if the applied impulse is known for a particular application, the minimum
thickness [,,;, required to absorb the load can be computed by solving Eq. (6.39) for !
keeping in mind that the initial plate velocity is a function of the tube length using a fixed
aspect ratio R. Finding the critical length is essential for blast attenuation application
where thickness of the panel is more important than the mass. When examining panels
with small thickness one must however consider the model assumptions, particularly those

regarding the reflection of stress waves during application of the blast load.
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6.4 Model Verification

The simple analytical model is compared to finite element analysis in ABAQUS/Explicit
and experimental tests to determine the accuracy of the formulae under blast loading.
The panels used for comparison are described in section 5.2. Although the number of
panels used in the experimental analysis are limited, comparison of experimental and
analytical crush distance is important in determining the validity of the given formulae

for panel design.

The resulting crush distances for the steel tube and aluminium core are given in Figs. 6.6a
and 6.6b respectively. It is clear that for the given panel geometries, the analytical and
finite element models agree well provided the panel is not crushed beyond the theoretical
maximum distance. Particularly good agreement is found for panel C tests with both core
materials. For a number of the test cases, the analytical prediction is found to be slightly
closer than the numerical prediction to the experimentally obtained crush distance. It is
also clear from Fig. 6.6 that in test cases where the numerical result differs greatly from

the experimental crush distance, that the analytical prediction does as well.

Despite the encouraging results of the test cases presented here, consideration must be
given to the limitations of the model. Karagiozova et al. [8] found that when tubular
structures are impacted by a small mass at a high velocity, the mean load computed using
Eq. (6.29) underestimates the true mean load. This is due to the fact that the analytical
prediction assumes that energy absorption due to initial compression is negligible which is
not the case under the high velocity loading conditions investigated here. As the top plate
used in the experiments, and hence the validation, is relatively thick, the influence of the
mass of the "impactor” is a large portion of the total energy required to be dissipated.
This effectively minimizes the influence of the initial compression phase of buckling on
the total mean force. It is therefore expected that for a given impulse, a reduction in
the top plate thickness will possibly lead to large underestimations in the mean crush
force. For the test cases studied here, such behaviour can be seen by comparing the
numerical and analytical mean crush forces as shown in Fig. 6.7. The figure indicates
a relatively good agreement in mean crush force levels in nearly all test cases. For
both the steel and aluminium core panels the numerically obtained mean crush force
increases with increasing impulse. The reasons for this were discussed in section 5.9.3.
A large contribution to this is from the increased energy absorption during the initial
compression phase. For the steel tube core, the analytical mean crush does scale with
increasing impulse, entirely due to strain-rate hardening however. For the aluminium
tubes, the mean crush force is dependent only on geometry and hence is invariant to the
applied impulse. It is clear that as the top plate velocity increases, this disparity will

have an adverse effect on the predicted crush distance. It must be further noted that
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as sa0Avn Jh section .24, the peak top plate velocity iy slightly undercstimated, This
underestimation lowers the total energy abzorption reguiremnents in tae analviical model
effectively reducing the predicted emish distance. This simplification works in conrrast
to the orunision of energy shsorption during the initial compressive phasze of buckling.
thereby nnproving the aceuracy of the prediction. Tt shonld also be noted that strain-
raie effects will reduce the peak top plate veloeity for the steel tube panels. which is not

accounicd for in the analvtical model

The correetiiess of 1he formualac given for caleolation of the critical paramcters of Bos.
£.35, 636, 6.37, 6,34, and G40 are presented aere. Note that 1015 the mathematical

currectitess of the formolae that {s verified aod not correlation with finite elenwnd results
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Figure 6.7: Plot comparing analytical and finite element predictions for the test panels
used in the experimental tests.

as the latter are highly difficult to determine. Table 6.1 presents the test cases used
for verification. Only panels B and C are verified as examining panel A provides no
additional information. Test cases 1 and 3 are the standard case where the panel does
not compact. Test cases 2 and 5 correspond to the case where the applied impulse
exactly equals the impulse capacity of the respective panels. Finally, test cases 3 and 6
examine the case where the applied impulse is greater than the capacity of the panel.
For test cases 1 and 3 the calculation of ¢. results in a complex value indicating that
the panels dissipates the required energy before compaction as desired. For both of the
panel configurations the maximum allowable impulse is determined using Eq. (6.40) and
these impulses are applied in test cases 2 and 5. The purpose of this to ensure that under
these blast magnitudes that u,/l = St. and that t./t,, = lun/l = Imax/I = 1. The
calculations presented in Table 6.1 indicate this to be true in test cases 2 and 5. Note
that some of the parameters are slightly greater than one. This is a result of using a
slightly higher critical impulse due to rounding the value to two digits after the decimal.
The results of test cases 3 and 6 give the desired result of all critical parameters being
then that unity except for i, /I which must be greater than one indicating the minimum
tube length is greaﬁer than that of the test case. It can therefore be concluded that the
critical parameter formulae are correct.
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Table 6.1: Validation of critical parameter formulas. In all test cases the material is
annealed mild steel with hy = 0.6 mm, A, = 3.0mm, and R = 4.

Test  Panel I (Ns) te/tm U /1 Lmin /1 -
(Eq. 6.35,6.37) (Eq. 6.36) (Eq. 6.39) (Eq. 6.40)

1 B 40.00 - 0.46 0.58 1.28
2 B 51.39 1.00 0.73 1.01 1.00
3 B 53.00 0.76 0.77 1.06 0.97
4 C 60.00 - 0.53 0.78 1.19
5 C 71.23 1.00 0.73 1.02 . 1.00
6 C 74.00 0.74 0.78 1.08 0.96

6.5 Panel Performance

The performance of the panels according to the analytical model is presented here. Pri-
mary attention is given to the impulse capacity of a given panel and the impulse capacity
per unit mass. The latter measure is referred to as the specific impulse capacity and is

given by
Ip = Iax/ (My + Meore) (6.41)

where M, and M. are the top plate and core masses respectively. This expression is
similar to the notion of specific energy but has more relevance to the present study on
impulsive loading. Note that the specific impulse is defined in terms of the entire panel
and not just the mass of the core tubes. The reason for this is that it is clear that under
this definition the specific impulse would be maximized for the four tube panels of design
A. For example, doubling the number of tubes in the core will double the core mass and
approximately double the energy absorbing capacity however the critical velocity and

hence impulse capacity is not doubled.

Firstly, the influence of the tube aspect ratio R is examined. Figs. 6.8a and 6.8b show the
relationship between R and hy, and h; respectively, in terms of impulse capacity. As can be
clearly seen from the figures, the aspect ratio has little influence on the impulse capacity
of the tubes. This is shown in chapter 7 to be consistent with the numerical results. This
result is expected as when examining Eq. (6.29), the mean force is influenced only by
the cube root of [/R. In other words, large increases is the tube width (reductions in R)
only increase the mean force slightly. The energy equivalent flow stress is slightly reduced
however with increased tube width. It should be noted however that the tube aspect ratio
will have more influence in actual blast scenarios as the top plate cannot be considered

rigid. In this case, significant plate deformation can initiate global buckling modes in the
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tnbes resnlting in aomueh lower mean foree i the core tubes. Tor this reason, only results

at thicker top plate thicknesses can be consaered accurate nnder true blast loading.
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Figure 6.8; (a} Variation in impulse capacity as a lunction ol £ and iy with /i, = 3.0mn1
(b) Variation in impulse capacity as a function of £and i, with by = 0.6 mm.

The impulse capacities of steel and aluminium core panels are given in Tig. 649 For
botn stecl and alumininm core pancls the panel capacity is maximized ar the highest
thiekness of tube and the thickest tap plate.  The impulse capacity i= also shown ta
be hignly sensitive to changes indube thickness. 1t iy also clear from the figure thar
sigmbicant increases i impnlse capacity are obtained when increasing the number of
tubes o the cove.  Burther to this, the expected result of higher increase capacity in
pancls using Che anpeastd nuld steel, 11 0s inveresting 1o note laal the steel tube show a
larger sensitivity toehanges ju the top plate thickoess, This is dne (o top plate Lhickness
having A large infuenee on tae inilial velocily of 1he wop plate and hence influence the

stradn tate hardemng in Lae tnbies

Although it is elesr thal the panel absorpticn capacity can be inereased using Lie thickest
fubes and top plate the guestion sl cemains as (o Dow Lo maximize the impulse capacity
fur & panel of & given mass, Fig, 6,10 shows tie speeific impulse of steel and alwminium
tubhe pane.s as a function of tube thickoess ana top plate thickness, For both tube material
Lie specific ltnpunse is maximized {or panels with a thin top plate and Thick tubes. This
is aol unexpoectod however as Lhe Lop plate constitutes a significant portion of the total
panel mass, Considderation mst be given fo this tesull. however as the assumplion of an

ungleformable top plate becoes less valid as the top plate becomes thinoer,

The specific impulse s simiar for paness A B and C witn a small inerease observed as a
funetion of ny, This is in contragt to the resnonse in ters of absolute impnlse capacity

where the is a significant improvement in pane. O over pancls A amd 2. The anocaled
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Fizure 6.9 Plots of impulse capacity as a ‘uuction of tnbve tckness and Ltop plate
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steel tubes also have a higher specific impulse than the aluminium core tubez although
the difference is not siguificant.

The analvtical predictions of the specific impulse eapacity provide an iuteresting cnullenze
in terms of optimial panel desten, In applications where mass is of critieal importance

the results Imply the use of a panel € tube lavout with thick steel fubes and small plate
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thickness. The actual desigu variables can be chosen based on the expected blast loading
and henee impulse capacity requircments of Lhe pagel, Althongh the specifie mpulse
capacity favours a large mmmber of Lhick tmoes, sueh o desien significaatly mercases the
peax and mean loree at Lhe base of the panel. H the peaels are ased 1 g sserificial eliddding

SCENATo, excessive riaction forer magnibudes may compromise the proteeted structure,
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This may result in failure of the absorber despite the panel having the capacity to absorb
the required energy. This alludes to an interesting constrained optimization problem

which is beyond the scope of this study.
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6.6 Theoretical Comparisons with Foamn Core Pancls

Az deseribed in section 2.2.2.1, the use of metallic foam core sandwich panels iz arguably
the most smitable alternative to the strueture proposed in this thesis. The relativelv con-
stant erush foree and bigh eonfigureabilivy of the mass and absorption capacity of metallic
Ipates makes Loemn pighly desivable for absorping blast loads, This section theoretically
cotnpares the response aud periormancee of aluminmm fosm panels and the proposed tube

mased core S T

The response of alumininm [oam under blags loading Las been given little attention in
the literature tkus far. This is particularly true for comparisons of expenimental tests
and anulviical medels. It ois therefore dilicult to cusure that cument models completely
capture the true response of Lhe [ate pancls, The purpose of the prosers analysis s give
a glohal compazison of 1ube core and [oare core panels nnder hlast loading. The majority
of this thesis fucuses on comparisons among different Lube core panels, I ternns of various
periormance measures, [t is of interest to compare the tlde core panels to anollier enerpy
aosoroing structure, Suck an analvsis can determing if Lhe panels presenied i Lhis Lhesiy

compare. at a general level, to existing sandwich conficuralions.

6.6.1 Analytical Foam Maodel Under Blast Loading

Lft)

" Rigid base

plate

P(t)—

Figure 611 Seuematie of the form core panel iuvestizated in this study.

Hanssen of ol |78 and Ma and Ye [#0] uzsed a one-dimenzional skock propagation todel 1o
develop differeatial equations deseribing the behaviour of aluminium foan panels under
unpulsive loading.  As the problem gesmetry is the same ws presented in [lunssen e

al 78, the derivation of tle difterential equation of motion is not inciuded here, Fur the
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model, the loading is assumed to be given by

B 0<t<t

P(t) = { 0 t> i (6.42)
where P, is the constant blast pressure and ¢ is the pulse duration. This is a rectangular
pressure pulse as opposed to a triangular pulse used by the previously mentioned authors
[78,80]. It should be noted that the following analysis was reproduced using a triangular
pulse for the purposes of validation and to compare the response differences between
the pulse shapes. It was found that the rectangular and triangular pulses produced
nearly identical results. The rectangular pulse is chosen to maintain consistency with the
remainder of this work. The motion of the foam panel u(t) is governed by the differential
equation of Eq. (6.43).

A

—£ =90 6.43
> (6.4

Iopr .. Ppr )
1+ w| U+ ———u" + |og — p{t
L P 2 (o = )
In Eq. (6.43), M, is the mass of the cover plate, A, is the cross sectional area of the
panel, p; is the foam density, ep is the densification strain of the foam and oy is the

crushing strength of the foam. Fig. 6.11 illustrates the foam core sandwich construction.

The differential equation given by Eq. (6.43) is a second order non-linear ordinary dif-
ferential equation with piecewise coefficients. This implies careful consideration when
determining the solution. The methodology used here is to break the equation into two
separate differential equations based on the time with respect to the pulse duration ty as
given by Ma and Ye [80].

Phase I: t < 1,

During this phase the pressure is applied as P(t) = P;. Eq. (6.43) is thus reduced to
a non-piecewise ordinary differential equation. The solution for this phase of motion is
given by ug(t). The initial conditions are clearly uo(0) = 10(0) = 0. Using the symbolic
mathematical package Maple [154], the solution ug(t) for the given range of ¢ is computed

as

'-MpSD - ED (MgSD - ,Ongﬁ(O'o - Po))

ugll) =
0() Ppr

(6.44)

From this solution, it is clear that ug(t) < 0 if Py < 0y. This implies that no deformation
takes place if the peak pressure of the blast is less than the crushing strength of the foam.

The variable U; = wug(fg) is introduced here which represents the displacement of the
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panel top plate at the end of the blast event and is given as

—~Myen + fep (M2en — peA2t3(a0 — P))

Uy = ug(ty) = pvs (6.45)
The velocity of the cover panel at the end of the blast event V; is given as
Vi = d(to) = epylo(F — oo) (6.46)
\/sD(MggD — e A2t2(00 — Fy)
Furthermore,
Uw(t)=0=>00=F (6.47)

therefore if oy < P, then deformation of the panel will continue to at least t = ¢, provided
the panel does not compact. In other words, under a rectangular pulse the foam will not
deform at all or will deform at least until the end of the pulse duration, or it will compact.
Under a triangular pulse, if Py < 20y then deformation will cease before the end of the
blast.

It is possible for the panel to cease motion during the blast event due to compaction of
the foam. That is, the foam has crushed to its maximum distance v = lep. This case
can be ignored for the current application as the blast event is much shorter than the
expected duration of response. Despite this, a short analysis is given for completeness. If
the foam compacts before ¢ = g, then ug(te) = lep where ¢ is the time at compaction

and te < ty. Using Eq. (6.44) to solve ug(te) = lep gives

. \/sDz(szp + Aplpr) (6.48)

AP(PO ~ 09)

Since Eq. (6.44) is monotonically increasing, and we know Py > 0g, Eq. (6.48) will always
have a real solution. The solution only makes physical sense however if £, < t5. Therefore
if tg < tep then the panel will not compact before the end of the blast. Alternatively, for
a given blast pulse the minimum thickness [ of the panel required to ensure compaction
does not occur during the blast loading is found by simply solving u(ty) = lep which

implies that | must satisfy

—MP€D +4/€p (MI;?&D - pfA;";t%(O’o - Po))

I > P (6.49)

Assuming that the blast has not been attenuated and that the foam has not fully com-
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pacted, then at the end of the blast the new effective cover plate mass Mjy, is the original
cover plate mass plus the mass of the densified foam which is considered rigid in the

analysis. This mass is given by

U
Md == Mp -+ E—l[)pr == \/<M§ED - pfAI%t%(UQ - PQ))/ED (650)
D

Phase II: t > tg

If the peak pressure satisfies Py > 0g then deformation will continue past the duration
of the blast #y if the blast is not dissipated. The solution for this phase of motion is
denoted by u;(¢). The motion of the cover panel is described by the following differential
equation:

A

il - 01
i, 0 (6.51)

ppr I R Ppr . 12
1+ Uy | Uy + U + O

{ Maep 1} P Maep °
This is a differential equation in terms of the cover plate displacement after the pulse
duration given as v} = u—Uj. The initial conditions are ©}(0) = 0 and u;’(0) = V; where
V1 is given by Eq. (6.46). The solution to the ordinary differential equation given by Eq.
(6.51) is

—MdED -+ M25D2 - pfA t'ED A t'O’O - 2‘/1Md
d p p
ppr

ui(t) = U1 + (6.52)
where ¢’ is the instantaneous time after the blast event given by ' = t — t;. Using this
substitution along with Egs. (6.45), (6.46), and (6.50), the solution for this phase of

motion is

—Mp?f[) + \/ED (MSED - png(t%Pg + Uot2 - 2tPOtO))
w (t) = (6.53)
ppr

Solving for du/dt = 0 gives the time when motion ceases as
tm = toP()/O'U (654)
Therefore if the foam does not compact for some ¢t < ¢, then at ¢ = ¢, the blast has been

fully attenuated and wuq(t) = u;(ty,) for all ¢ > ¢,,.

To determine the time when compaction will occur, if at all, requires solving u, () = lep.
Unlike wug, u1 is not monotonically increasing and thus the solution to u;(t) = lep will

either have two real solutions or a complex conjugate pair. The latter set implies that
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compaction does not occur and the displacement reaches its peak value before intersecting
the line u; (t) = lep. For the case of real solutions, the smaller solution is clearly the time

at compaction. This is given by

Aptopo - \/A%tgpo(Pg - 0'0) - Ap00l€D(2Mp -+ Aplpf)

tcl -

5
on (6.55)

The complete solution to Eq. (6.43) is presented in Eq. (6.56). Comparisons involving
te1 are only valid if £,; € R. If not then it is assumed ¢, > .

(0 t<0 or Py<oy

—Mp5D+\/5D (MSED—pfAZtQ(O'o—Po))
prA

0<t<ty and t <ty

~Mpep+4/en(MZep —peAZ (12 Po-+aot? —2t Poto))

to<t<ty, and t <ty

ptAp
us(t) = ¢ (6.56)
_ S Pl P
MPED+\/ED(MPE;A:fAPtOPO(1 Po/ o)) tZ tm and t < t(ﬂ
epl (t <ty and t>ty) or
\ (t >ty and t > tcl)

Now that the time when compaction occurs is determined the minimum panel thickness
[ required to absorb a given blast load can be determined. This is clearly a useful tool
when designing such structures. The existence of a real value for [, implies that the
expression inside the square root of Eq. (6.55) must be positive. This expression is a

quadratic in [ which has the positive root given by

‘-O'()MPED -+ \/U%MSSZD - AgtgpgprD(Po —_ 0"0)
i = (6.57)
PprEDUO

therefore if | > l,;, then the panel will absorb given blast without becoming fully com-
pacted. If | < [, then the remaining load is transferred directly to the protected

structure resulting in stress levels much higher than og.

The final expression of interest is the the impulse capacity of a given panel. .In other
words, for a fixed panel configuration, the task is to determine what is the largest possible
impulsive load that can be applied assuming a fixed pulse duration. If a given panel
has used its entire energy absorbing capacity and completely attenuated the blast then
tn = t.1. In other words, the time required to absorb the blast exactly equals the time

when compaction occurs. This relationship can then be solved for Py using Eqs. 6.54 and
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6.55 which results in a quadratic expression for Fy. The positive root of this equation
gives the expression for maximum allowable pressure Fj***. Multiplying this pressure

value by tgA gives the maximum allowable impulse I .x as

Inax = {AptO(fo + \/Agtgog + 8M,Apoolep + 4A%pfaol2€1)} /2 (6.58)

The solution given by Eq. (6.56) is compared with published models. Eq. (6.56) is
implemented in Matlab along with the solutions given by Hanssen et al. [78] and Ma and
Ye [80]. The test cases used are shown in Table 6.2. For all panels given in Table 6.2
the top plate has a thickness of h, = 3.0 mm with a cross sectional area of 150 x 150
mm and a density of 7850 kg/m?3. This is the typical mild steel top plate used int the

numerical and analytical studies of the tube core panels.

To determine suitable foam properties design formulae from the literature are used. 1t is
assumed for the purposes of this analytical investigation that the foam is similar to the
Hydro Aluminium foam often studied in the literature. The plateau stress oq is usually

expressed in terms of the foam density using a power law of the form

aO=<7(f5)n (6.59)

Pro

where the values of C and n are 800 and 2.38 respectively [61,62]. The values also compare
well with the reported density-stress curves in Reyes et al. [155]. The parameter pg is
the density of the parent material in the foam cell wall which is taken as 2700 kg/m?®.

The densification strain ep is also a function of foam density and can be expressed as

€D=1—a(ﬁ) (6.60)

Pro

The value of « is taken as o = 1.5 as reported by Hanssen et al. [51,52] however values
as low as o = 1.4 [55,58,87] and as high as o = 2.0 [80] have been used in similar studies.
The value of o = 1.5 is chosen as it is used in the analysis of the Hydro Aluminium foam.
This « value appears to give rather high densification strains compared to other types
of aluminium foams however this will provide an upper bound on the energy absorption

capacity of the foams.

Table 6.2 outlines foam and blast properties of several test cases used to validate the
proposed model. Test cases 1 — 3 give the response of a low density foam with large
thickness. The tests represent blast attenuation, attenuation at the point of compaction,
and compaction respectively. Test case 4 is included to show that at small pulse durations,
combined with low resistance foam, that the square pulses used here converge to the

triangular pulses used by Hanssen et al. [78] and Ma and Ye [80]. Test cases 5 — 7 are
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Table 6.2: Foam core properties and blast load properties used in the validation test cases
of the proposed aluminium foam model.

Foam properties Blast properties

Test Case ps (kg/m?) oo (MPa) £p ! (mm) I (Ns) to (us)

1 200.0 1.63 0.89 40.0 30.00 50.0
2 200.0 1.63 0.89 40.0 41.17 50.0
3 200.0 1.63 0.89 40.0 48.00 50.0
4 200.0 1.63 0.89 40.0 30.00 '20.0
5 400.0 8.50 0.78 15.0 40.00 20.0
6 400.0 8.50 0.78 15.0 53.57 20.0
7 400.0 8.50 0.78 15.0 58.00 20.0

analogous to test cases 1 — 3 but use a higher density foam with a smaller thickness.

1 : g —e 1 v
Test case 3 V4 o /
0.9} % 7 /// 1 0.8 x Test case 6
0.8 Ay 4 1 0.8} Testcase 7
.7} 7 “— Testcase 2 : 7}
o7 o7 /— Testcase §
0.6 0.6 - n
u . u
eplos epleos
0.4F 0.4
0.3} k Test case 1 1 0.3+ ®
0.2 0.2 Testcase 4
0.1F 0.1
% 5 i 15 20 25 I S T R T T R R TR TR R
t/t, t/t,
Figure 6.12: - - - Triangular pulse solution given by Hanssen et al. [78] and Ma and
Ye [80]. — Proposed solution using a rectangular pulse. Plot of foam model verification

for test cases (a) 1 — 3 and (b) 4 — 7.

It should be noted that the piecewise function given by Eq. (6.56) is implemented in
Matlab based explicitly on the critical time calculations given by Egs. (6.48) , (6.54) ,
and (6.55). Fig. 6.12 gives the displacement of the front panel as a function of time for
each of the seven test cases. The solution presented here is compared to the triangular
pulse results given by Hanssen et al. [78] and Ma and Ye [80]. For all test cases the front
panel displacement modelled here is shown to agree very closely with the results from the
literature. The shape of the pulse clearly has little effect on the resulting panel behaviour,

particularly if the pulse duration is small and the foam has low strength. This is shown
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by examining the results of test case 4 in Fig. 6.12b where the square and triangular

pulses give nearly identical responses due to the small pulse duration.

Table 6.3 presents panel response parameters of interest for the test cases. Of note is the
compaction time t. /to is real only for test cases 3 and 7 even though compaction appears
to occur at t = t, in cases 2 and 6. In the latter cases the applied impulse is just slightly
lower than the maximum impulse and hence t.;/t in these cases has a small imaginary
component and is not given. It is clear however from Fig. 6.12 that compaction does

occur at t = 4.

Table 6.3: Critical response parameters for the panels and loading conditions given in
Table 6.2.

Test Case i (ms‘l) tcO/tO ta /t() tm/to lmm/l Imax/-[
1 52.49 5.60 - 16.33 0.56 1.37
2 72.95 4.73 - 22.41 1.00 1.00
3 85.36 4.37 12.84 26.13 1.31 0.86
4 54.94 8.68 - 40.83 0.58 1.35
5) 67.27 4.39 — 10.46 0.57 1.34
6 92.01 3.74 — 14.01 1.00 1.00
7 100.03 3.59 9.46 15.17 1.16 0.92

6.6.2 Foam Core Response to Blast Loading

Now that a simple model has been developed foam core panels under blast loads, the
critical parameter formulae can be used to describe the panel’s energy absorption capacity
in similar terms to that of the tube based cores. Fig. 6.13 gives the impulse capacity and
specific impulse capacity of a 75.0 mm thick aluminium foam core panels as a function
of foam density and top plate thickness. As expected the impulse capacity is found to
be maximized with a high foam density and a thick top plate. This is analogous to the
tube based pan where thick tubes can be used in the core to maximize impulse capacity,
however this increases the peak and mean force levels transmitted at the base of the panel

which may give undesirable results.

As with the tube based cores the specific impulse capacity is found to be maximized using
a thin top plate and high density foam. As is the case with the tube based cores, the
top plate constitutes a significant portion of the panel mass while having a comparatively
smaller effect on the amount of energy to be absorbed. The top plate influence on the
specific impulse capacity of the panel is much less pronounced however with almost no

reduction in specific impulse capacity when reducing the thickness of the top plate. It is
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Table 6.2: Foam core properties and blast load properties used in the validation test cases
of the proposed aluminium foam model.

Foam properties Blast properties

Test Case pr (kg/m?) ag (MPa) €D ! (mm) I (Ns) to (us)

1 200.0 1.63 0.89 40.0 30.00 50.0
2 200.0 1.63 0.89 40.0 41.17 50.0
3 200.0 1.63 0.89 40.0 48.00 50.0
4 200.0 1.63 0.89 40.0 30.00 20.0
5 400.0 8.50 0.78 15.0 40.00 20.0
6 400.0 8.50 0.78 15.0 53.87 20.0
7 400.0 8.50 0.78 15.0 58.00 20.0

analogous to test cases 1 — 3 but use a higher density foam with a smaller thickness.

1 T g y? i
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Figure 6.12: - - - Triangular pulse solution given by Hanssen et al. [78] and Ma and
Ye [80]. — Proposed solution using a rectangular pulse. Plot of foam model verification

for test cases (a) 1 — 3 and (b) 4 — 7.

It should be noted that the piecewise function given by Eq. (6.56) is implemented in
Matlab based explicitly on the critical time calculations given by Eqs. (6.48) , (6.54) ,
and (6.55). Fig. 6.12 gives the displacement of the front panel as a function of ‘time for
each of the seven test cases. The solution presented here is compared to the triangular
pulse results given by Hanssen et al. [78] and Ma and Ye [80]. For all test cases the front
panel displacement modelled here is shown to agree very closely with the results from the
literature. The shape of the pulse clearly has little effect on the resulting panel behaviour,

particularly if the pulse duration is small and the foam has low strength. This is shown
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by examining the results of test case 4 in Fig. 6.12b where the square and triangular

pulses give nearly identical responses due to the small pulse duration.

Table 6.3 presents panel response parameters of interest for the test cases. Of note is the
compaction time t.; /tg is real only for test cases 3 and 7 even though compaction appears
to oceur at t = t,, in cases 2 and 6. In the latter cases the applied impulse is just slightly
lower than the maximum impulse and hence f.; /o in these cases has a small imaginary
component and is not given. It is clear however from Fig. 6.12 that compaction does

occur at t = {y.

Table 6.3: Critical response parameters for the panels and loading conditions given in
Table 6.2.

Test Case Vi(ms?t) teo/to te1/to tm/ %o Lmin/! Iax /1
1 52.49 5.60 — 16.33 0.56 1.37
2 72.95 4.73 - 22.41 1.00 1.00
3 85.36 4.37 12.84 26.13 1.31 0.86
4 54.94 8.68 — 4(.83 0.58 1.35
5 67.27 4.39 — 10.46 0.57 1.34
6 92.01 3.74 — 14.01 1.00 1.00
7 100.03 3.59 9.46 15.17 1.16 0.92

6.6.2 Foam Core Response to Blast Loading

Now that a simple model has been developed foam core panels under blast loads, the
critical parameter formulae can be used to describe the panel’s energy absorption capacity
in similar terms to that of the tube based cores. Fig. 6.13 gives the impulse capacity and
specific impulse capacity of a 75.0 mm thick aluminium foam core panels as a function
of foam density and top plate thickness. As expected the impulse capacity is found to
be maximized with a high foam density and a thick top plate. This is analogous to the
tube based pan where thick tubes can be used in the core to maximize impulse capacity,
however this increases the peak and mean force levels transmitted at the base of the panel

which may give undesirable results.

As with the tube based cores the specific impulse capacity is found to be maximized using
a thin top plate and high density foam. As is the case with the tube based cores, the
top plate constitutes a significant portion of the panel mass while having a comparatively
smaller effect on the amount of energy to be absorbed. The top plate influence on the
specific impulse capacity of the panel is much less pronounced however with almost no

reduction in specific impulse capacity when reducing the thickness of the top plate. It is
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aiso important to note that unlike the tube based core, the analvtical response of the foam
based cores with a thinner top plate does not bhegin to violate any maodel assumptions.
Specilicallv, siguilicant top plate delormalion s unlkely with the foam core which 18 not
true [or the tube hased core.

It 3% of move that [oe the desion wiriable valies examined in this study, e loam core
paurels have a bHigher masimur mnpadse casaeity tin the fube basco cores, This is
sorewhad arbitrary however as tubes with larger (hickness can be nvestizatod which
clearly ncrease the capaciiy, 'The [oam densiiies exanined here correspond 160 appross
tnadeiy the raxionen and minimum densiies reported o the lteralure, Colnparisons
between Lhese absolule unpiiise capacitios therelore do non describe the perloninance ol
the pacels and [irther invesiiputions e required. This can be seen by exaunining 1 he
specific impulse capacities i Fig, 6,130 which shows the toam sancls baving similar

specific impulse capacities despite the larpe difference in totaldngilse capacity.

(a) (b)

Figure 5.13: Plot of (a) hopulse capacity and (b) Specitic inpmlse capacty as a funetion
of the foan density pp and top plase thickness h,. The core shickness of the panel is
7a.0

It is interesting to be able to not only predict and compare the impulse capacity of tube
angl dnam based cores but to Aso compare the foree transter behaviour at the Tase of
the panel. As previously mentioned, even if an energy absorbing device can attenuate
a ziven blast, localized protection o the structure may be compromised. It is theredore
the responsibility of the absorber to "smooth” out the load experienced by the structure
at the base of the panel. It i3 important to note that the total imopulse applied Tw the
hlast load must equal the integral of the force-time curve ar the rigid hase of the panel.
This impiies that momentum 18 conserved amd the total impulse the protected stoucture

experiences 1= not modified, however the force levels 1t iz subjected to expected to Le
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much lower. Since the stress applied as the base of the foam core panels is the plateau

stress up to densification we have the relation
HopA=tnFy, =1 (6.61)

where the superscripts f and t refer to the foam and tube based cores respectively. Note
that the relation tf nyFy, = I is not explicitly true as the formulation of F}, is based on
the the impulse remaining to be transferred after application of the load as discussed in
section 6.3. Fig. 6.14 shows typical idealised force transfer behaviour for steel tube and
foam based panels under an applied impulse of 40 Ns with a 10 us pulse duration. For
both panel types, the core thickness is 75.0 mm with a top plate thickness of 3.0 mm.
The tubes have a thickness of 0.6 mm with aspect ratio R = 4. It is clear from Fig. 6.14
that for the geometric and materials parameters examined in this study that the force
levels and dissipation times are within the same range and depend strongly on the panel
design parameters. Of particular note is how closely the response of the panel A tube

core design mimics the behaviour of the low density foam core panel.

280,

180l —Tube core panel i
==Aluminium foam core panel
1661 =
140 -
. 01 = 400 kg/m®
> 1204 -4
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60} 3 .
= 200 kg/m
Panel B pr 00\3/ PSQA
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Figure 6.14: Plot of idealised reaction forces at the base of the tube and foam core panels
for an applied impulse of 40 Ns with a 10 us pulse duration. For both panel types, the core
thickness is 75.0 mm with a top plate thickness of 3.0 mm. The tubes have a thickness of
0.6 mm with aspect ratio R = 4.

Simple comparisons of tube and foam based cores show that performance in terms of
impulse capacity and force transfer to the protected structure are similar and depends
strongly on the design parameters. The next section investigates this further by expanding

on the criteria of comparison.
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6.6.3 Mass and Thickness Comparison of Tube and Foam Based

Cores

To study further, the energy absorbing capabilities of the foam core panels in terms of
the tube based panels, several investigations are undertaken. Although fixing the foam
core thickness to the thickness of the tube based panels and comparing the capacities
and corresponding mass is useful, it does not give a complete characterisation of the
panels. It should be kept in mind that the under the proposed industrial application of
the panels, that not only energy absorption, and mass efficiency are of importance but
also the overall panel thickness. An energy absorbing panel may be of small mass and
absorb the required energy, however if it requires an excessive thickness it may become

unsuitable for a given application where space is limited.

To compare the thickness based performance of the tube and foam based cores, a simple
numerical investigation is performed. Firstly, for the steel and aluminium tube panels,
the maximum impulse as a function of tube thickness and top plate thickness is computed.
For each of these tube based designs, the minimum thickness foam based panel required
to absorb the corresponding impulse is found using Eq. (6.57). This procedure is done
for a low density 200 kg/m® and a high density 400 kg/m? foam. The top plate thickness
is set to the maximum value of 4.0 mm in order to give a lower bound on the minimum
thickness. Fig. 6.15a and Fig. 6.15b show contour plots of results corresponding to
the steel and the aluminium core tubes respectively for a low density foam (200kg/m?).
Fig. 6.16a and Fig. 6.16b provide the results using a higher density foam (400kg/m3).
Specifically, the total foam panel to tube core panel thickness ratio is given along with
the corresponding mass ratio. The areas outlined in red correspond to tube based panels

designs which require a larger thickness/mass than the foam based panel.

For the low density foam it is observed that the majority of steel tube core design space
results in a smaller required thickness than the foam core panel. For the steel tube core,
only for relatively small tube thickness and top plate thickness can the low density foam
panel absorb the maximum impulse using a smaller thickness. This region is significantly
expanded when comparing the aluminium tube core to the foam cure due to the smaller
impulse capacities at identical tube core panel thickness. For all but the largest tube
thickness and top plate thickness does the tube core panel result in a smaller required
thickness. In terms of mass ratios for the steel tube based panels, all tube core designs
have a smaller mass than the foam core design that with the same impulse capacity. This
is also observed for the aluminium core tubes as all low density foam core panels required
a higher mass than the tube based core. This is slightly misleading however as the foam
core panels have a fixed top plate thickness of 4.0mm which contributes a significant

portion of the overall panel mass. The large top plates do allow for much smaller core
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Figure £.15: Contotr plots siiowing Lhe rilio of foam panel to tube based panel thickness
and mass required to have the same Impmlse eapacity as the panel C design with (a)
annealed mild sleel Lube hased core and (b} alnmininm tube based core. The feam
patels have o Lop plate Lhickness of 1.0 and fonm densize 200 ke/m°, Areas outlined
in red indicale rogions m design space where the thickness/mass required of Lthe foam
panels Is less than thet of the corresponding tube based panel.

tidcknesses however which is the purpose of this investization.

The resuits for the high density foam are significantly different than for the low density
toam. Tor the steel and alumininm fube pancls, the hieh densisy foam care is alile to
tlissipate The required Impulse csing o el smaller shickness than the tubse based panels,
In zerms of mass however, only the stepl tizbe based panels with large tube thickness and
top plate thickness require o larger mass Lhan Lhe foen core panel that can dissipate the
same impulse. For the alumimum tnbes, Lhe lirger mass of the bigh density foam resulzs
in nil fube based designs requiring a smaller mass than Lhe foam panel with equivalent

nnpelse capacity despite the significantly smaller thickness.

The results presented in Fig 6,15 and Fiz, 616 indicase that 1 terms of minimizine
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Figure 6,16 Conionr plois shiowing the raiio of fodam panel to fube based panel thickness
and mass requived to bave bhe same impulse capacity as the panel O design with {a)
annealed mild steel mbe based core and (b) alominium tube hased core. The foam
panels have a tap plate thickness of 2.0mm and foam density 400 kz/m?. Areas outlined
it red indicate regions in design gpace where the thickness/tass required of the [oam
patiels i3 less thar that of the corresponding tube based panel,

the averall thickness of Lthe enerey abaorbing panel that an aluminium foam core panel
wirh high density may be preferable to a tube based core. [ termz of mass however the
improvemernts in thickness minimization can resuls o increaser] mass due to the higher

density care,

Further insight into impulse dissipating capabilities af the tube and foam based cores can
ks obtained by examining Lhe reguired foam core panel thickness and mass to have the
same impillse capacity as a given tube core panel. These eritical thickpess and masses can
Lhen e direetly compared to the thickness and mass of the steel ar aluminium tube based
panel with the tarpet impulse capacity. OF particalay interest is the steel and alumniom

cort: panel desizng thar result in the highest impulse capacity within the given design
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Figire 6,17, {(a) Plol ol requited fam core pancl taickness ta tinhe core panel thickness
tir absorb the maxinonan tibe core impudse. (h) Plat of requ'lréd foam core panel mass
tos tube core patel mass 1o abserh the maximum tnhe coregmpnlze, Tn the plots o and 1
viefory fo the tatal foam panel thickness and total tube core taickness respectively while
Me and M, refers to the total fonm core panel masz and tube core pancl masy tespectivily.

space, The maxizzum hapidse capacity of the steel and aluminimm eore panels s 119,89
Ny and 7266 Ns respectively and corvespond to pamd € designs with the maximom

allowable top plate thickness and tathe thickness.

Fig. 17a shows the total fuam pauel to tabe core pancl thickuess ratio required to
dissipate the maximn impdise capacity ol Lhe tube core panels as a funetion of the
fonm core density and zop plate tackuess. Fig 6.17h provides the corresponding mass
ratios of the pancl in Fie. 6.170. [n the calenlation of mass ratios, the steel tihe resnlts
are normalized by the mass 10042 kg and e alunininm tube resuits are normalized by
0 2300 ks. These are the masses of Lae panels resulting i Lie waxinnan jmipulse capacity.
{F particular note o Fig. 6:178 15 the highily nen-linear relationship Belween tae vequaired
praes thickoess ansd foam density where for a low denzity foam and thin tap plate the

panel thickness can be wore than 20 Gimes Vaat of tae steel tube core panel.

Tae enitical thickness and mass information provided 1o Fig 6,17 can be lurtaer ntilized
to discern interesting properties of the tube and loam based cores. "Lae aim is to be abie
Loy amswer the guestion of, piven o partiowiar foam density and tap plate tiicknoess, will
the minimun taickness and mass of the foam core punel reguired (o alsorh the maxinim
Lubwr core impulse be larger than the tube eote patel? In othet words, the set ol points
121 foam design spuce requiring in & thicker /heavier panel in order to absorh the requireed
inpatlse needs to be determined. To determine the foam desicns that require the oxact

sare tlinckness 25 the tube based core, the plane §6/f, 1 2 tersieted with tae surlaces
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ajven in g, 6.7 This enrve of intersection Is then projected onto the foam design

space, The same method is applicd to tae mass mtios given in Pig, 6175,

{17am]

150 -:IT:I{M:J‘.G BT ] 2
ry (ki) o Ckafim®)
{4} {b)

Figure 6.18; Design space partitioning in terms of thiekness and mass efficiency to the
response of the maximun impulse for (a) Sreel tulie cores and (b} Alumininm tube cores.

For each tube core materizl. two onrves aré genersted which ean tlien he plotred in the
fonmn desien space. Figo .18 shows vhe results of this procedure. Thae desien space Is
sibdivided by forming areas boundsad by the previousty defined iso-thickness and iso-nass
eirves und the bounding area of the design space. The vesulting aveas are lebelled A-D

and the behaviour of the pansls n each region can be deseribed as the Sollowing

A The foam vore paned reguiied has o larger dckeess and mass that the tube

core parel with marimum tmpulse caopacty,

B: The foam core panet reguired has o smaller thickness bal larger mass than the

fube corr panel with et rpelse capacily.

(' The foam core panel voguived has o lergee Ueickness bul smaller muoss thoe the

tiube core paned with serimar dpulse capieily,

1% The foarm core panet requived has o smaller thickness and smaller mass than

the tule corn paricl widh moriiein Grpulse capacily.

Therelore, for example from Fig. 6.8, any foam core pancl wita fosm density and top
plate thickness in region A requires a taickness and mass sreater than the thickness and
mass of the highest capacity stee] tube panct. 1f & loam design 18 chosen [rom region C

hawever, the required thickness of the parcel is greater than than of Lhe sieel tube panel
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however the mass of the resulting panel is lower than that of the steel tube panel. For all
foam designs in region D, the foam panel thickness and mass required are less than the

thickness and mass of the highest capacity tube core panel.

It should be noted that analysis presented here does not, in general, determine the regions
in foam design space where the foam core panel has a minimum thickness and mass
greater than the minimum thickness and mass of the tube core panel that can absorb
a given impulse. The design space partitioning of Fig. 6.18 is a direct comparison to
a particular tube core panel design and not a particular impulse. The latter is a much
more difficult problem as for a given impulse, the minimum thickness or mass,panel is not
easily attainable and requires a more mathematical optimization technique. Specifically,
for every critical impulse value / within the bounds given in Fig 6.9 there exists a contour
in the tube design space resulting in panels designs with I as the impulse capacity and
a corresponding minimum core thickness of 75.0 mm. Each point on the contour results
in a slightly different total panel thickness due to the top plate however the mass varies
significantly. In general however, if the tube core thickness is allowed to vary, as opposed
to being fixed at 75.0 mm then for each tube thickness and top plate thickness there exists
a different minimum panel thickness and corresponding mass for a given impulse. The
design parameters corresponding to the minimum panel thickness and mass would need
to be obtained using optimization techniques. The analysis presented above however is
in terms the maximum allowable impulse the of the tube core panels which is at the edge
of the design space and hence the panel with this impulse capacity is unique. This panel
is therefore implicitly the minimum mass panel over the given range of design values and

assuming a fixed tube core thickness.



Chapter 7

Design Studies

7.1 Parametric Study Outline

In this section a parametric design study is presented. The purpose of the study is to
determine the influence of various design parameters on the response of the proposed pan-
els. As the construction of the panels is laborious and expensive, conducting a numerical
study using the finite element method is a desirable alternative. Since the components of
the model are validated experimentally in chapter 5, the numerically predicted response
should give a high level of confidence that the experimental behaviour is similar. Al-
though a formal optimisation study is not presented, design level observations can be
made from a parametric study to determine the optimal panel design variables. Perfor-
mance of the panels investigated here is evaluated using the measures given in section

4.6. This provides valuable insight into future mathematical optimisation studies.

7.1.1 Design Variables

The design parameters and variables which are used in the parametric study are presented
here. It is useful at this point to define a naming convention for the panels in terms of

the design variables described here. The naming scheme is given as
panel — A —hy — h, — R

Where panel refers to the panel layout(A, B, C) as given in Fig. 4.1. The parameter
A is also defined in Fig. 4.1. The parameters h; and h, are the the tube and top plate
thickness respectively, both given in mm. The tube aspect ratio is given by R. Table 7.1

summarises the values of the design variables examined in this study.

179
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Table 7.1: Plate design variables used in the parametric study.

Design variable Values used in numerical study
Panel layout A, B,C (Fig. 4.1)
A 0.450, 0.475, 0.500, 0.525, 0.550, 0.575

0.600, 0.625, 0.650, 0.675, 0.700

0.50 mm, 0.55 mm, 0.60 mm, 0.65 mm, 0.70 mm
hy) 2.0 mm, 2.50 mm, 3.00mm, 3.50 mm, 4.00 mm
) 3, 3.5, 4, 45, 5 5.5 6

Tube thickness (h;)
Top plate thickness
Tube aspect ratio (

(
R

7.1.2 Finite Element Model

The finite element model of the panels used in this parametric study is presented in
section 4.3. Of particular note is the use of circular cut-out imperfections as shown in
Fig. 4.3, as opposed to the hemispherical indentation triggers used in the experimental
investigations. As a result of the large number of panels investigated in this numerical
study, the creation of indentation triggers is not practical due to the computational time
required in creating the dents. The cut-out triggers require no additional computational
time while still having the desired effect of symmetric buckling initiation, at the same

location, within each tube of a panel.

For the design study presented in this chapter, the tube material is assumed to be the
annealed mild steel discussed in chapter 3. Although conducting a similar parametric
study using aluminium tubes would be beneficial, the focus of the study is to gain an
understanding of the geometric panel variables and their influence on absorption perfor-
mance. This can be accomplished to a reasonable degree using only a single material
model. The annealed mild steel is ideal for these purposes as it has the highest impulse
capacity. Further to this, results, if any, relating to rate sensitivity can be obtained using
the mild steel. As the mild steel is annealed according to the procedure described in
section 3.1, the variation in work hardening resulting from variation in tube aspect ratio
can also be neglected. This is clearly desirable when examining a large range of tube

geometries.

The blast load is assumed to be a 50 Ns square pulse with a 10 us duration. The limitation
of examining only a single load is a requirement of the computational complexity of the
problem. The load is carefully chosen according to the certain requirements. The load
must be large enough to induce compaction for panel designs which are expected to have
a small impulse capacity. This is a requirement as it is of interest to examine the effect
panel compaction has on various panel efficiency measures. The load must not be too
large however, so as to excessively deform the weak panels to the point where numerical

instabilities develop. The impulse must also be large enough to deform panels with large
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impulse capacity to the point where meaningful quantitative measures can be extracted.

7.1.3 Parametric Study Formulation

The purpose of this study is to investigate the influence of various geometric panel design
variables on the absorption performance of the panels. Ideally, a complete factorial design
study that simultaneously varies all the design parameters described in section 7.1.1 is
carried out. The proposed problem is highly non-linear and thus requires significant
computational time, and hence a full factorial study is not practical. In order to obtain
an accurate characterization of panel performance in design space, a simplified method

is used.

Firstly, the panel layout, in terms of tube position, is varied according to the values of A
in Table 7.1. For these simulations, the plate thickness is fixed at 3.0 mm while the tube
thickness is fixed at 0.6 mm. The constant top plate thickness is chosen as it expected
to be thick enough to not deform excessively under standard loading conditions, however
it is not so thick that it removes any interaction effects with the crushing modes of the
core tubes. The constant tube thickness is chosen as it is the mean wall thickness and
corresponds to the nominal tube thickness used in the experiments of chapter 5. The
tube aspect ratio is also fixed at R = 4 as this corresponds to a slightly more slender

tube than the tubes investigated experimentally.

Once this phase is completed, the value of &; is computed for each panel design. The
values of A corresponding to the maximum, median and minimum value of & are identified
for each panel layout (A,B, and C). Note that the design with minimum & is considered
to be the most stable. Panels, with tube positions corresponding to each of these A
values, in addition to values lying on the edge of the design boundary are then subjected
to variation in tube geometry and top plate geometry. The purpose of this is to determine
if the panel design variables can improve/reduce stability and performance in panels with

poorly positioned tubes.

In the design study, the tube thickness (h;) is varied while tube aspect ratio is fixed
at R = 4 and the top plate thickness is fixed at h, = 3.0 mm. Tube aspect ratio is
then varied with the remaining design variables fixed at A, = 0.6 mm and A, = 3.0
mm. Finally, h, is varied while tube geometric parameters are fixed at h; = 0.6 mm and
R = 4. The procedure is outlined in Fig. 7.1. Using this methodology, combined with
appropriate interpolation provides the performance of the panels at ‘slices’ of the design

space.

In addition to variation of panel design parameters at different tube positions, a further

study on the influence of tube geometry is conducted. For this set of numerical investi-
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gations, only the optimal tube layout is examined, while tube thickness and aspect ratio
are varied. This is an interesting study as it allows for a clear determination of how
geometric tube parameters influence panel performance assuming the tubes are placed in

an optimal or near-optimal position.

The parametric study presented here conducts numerical simulations of the response of
273 unique panel geometries under a fixed blast loading. Although this is not as robust
of a methodology as using a mathematical optimisation algorithm, it is deemed to be a
sufficient quantity of numerical tests to observe trends in the response and efficiency of

the panels under the given blast load.

For each pansl termplate /in{A B, T} :
Determine pansl response for all A
valuas in Table 7.1 wilh fy, = 0.6 e,
R=d4and h,=3.0mm

L

For each pans! template 7 in {A, B, C} :
Find 288 5;0f A vaiues coresponding to
the maxionur, readian, and minimum
vaiues of £, found in the previcus step

For aach set 5, For sach set S, For each set S;

For each A valus in set S plus extreme A values
Fimd panel response for each vaiue of A, in Table 7.4
with R = 4 and 1y = 3.0 mm

For sach A vaiue in set S plus extreme A values
Eird panel rasponse for each value of b, in Table 7.1
with iy = 0.6 mm and R= 4

For sach A value in set 5 plus exirems A velues
Find panel responss for ench valus of Rin Table 7.1
with = 0.6 i gned by, = 3.0 o

A4

For each pans! tempiate / in {A, B, C}:
For the A correspending to ths smallest value of §y inset 5,
Find panel response for sach value of b and R in Table 7.1
with h, = 3.0 men

A

For each panel template i in (A, B, C}:
For the A corresponding to the smallest vaiue of € in set §;
Fird panel resporse for i, = 2.0 mm and h, = 4.0 mm with R=4
and &, = 0.6 men under non uniform loading with m = 10,20,30,40

Figure 7.1: Flowchart outlining the parametric design study procedure.
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7.2 Design Study Results

7.2.1 Panel Layout

The positions of the tubes within a panel are varied according to the A values presented
in Table. 7.1. The variation in core efficiency &...e and the stability parameter & as a
function of A is given in Figs. 7.2a and and 7.2b respectively. Tables 7.3-7.5 outline the

quantitative measures for each tube obtained from variation in tube placement.

1 v v y 11

ior
0950

“core
2 O/o
st

0&es 0.5 0.55 0.6 0.65 0.7 0.75 0.45 . . . X X 0.7
I

(a)

Figure 7.2: (a) Plot of variation in core efficiency as a function of A for panels A, B, and
C. (b) Plot of variation in the stability parameter as a function of A for panels A, B,
and C.

It is clear from Fig. 7.2a that placement of the tubes has a strong influence on the ratio
of kinetic energy absorbed in the core to that of the top plate. This is shown to be
particularly true for panel A designs. For panel A layouts, the core efficiency is found to
plateau for small values of A and then drop significantly when the tubes become further
from the panel centre. This is a result of large dishing at the panel centre inducing severe
mode J, buckling in the panel tubes. For large values of A, the position of the tube
simulates a clamped boundary, effectively increasing the exposed area of the top plate.
This results in larger deformations at the panel centre. From a tube stability perspective,
the top plate would ideally be rigid, resulting in zero bending applied at the t‘op of the
tube, producing symmetric progressive buckling. Under actual blast conditions the top
plate deforms and applies a bending moment to the proximal end of the tubes. These
plate interaction effects implicitly define an oblique loading problem as studied by Borvik

et al. [61] and Reyes et al. [63] where the authors found that with even a small load angle,
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global buckling occurs. This trend concurs with the buckling sensitivities found in this
study.

Fig. 7.3 illustrates the influence of tube placement on the development of strains in the
top plate. It is clear that for optimal values of A, the equivalent plastic strain state of
the top plate is largely unchanged between ¢ = 0.2 ms and ¢ = 1.0 ms for all panel
layouts. For unstable tube layouts, large strains develop in the top plate throughout the

absorption process.

At smaller values of A, using a panel A layout, the relatively thick top plate minimizes
deformations near the plate corners resulting in no apparent loss of efficiency. Fig. 7.2b
indicates a clear relationship between core efficiency and panel stability in that as the
stability parameter increases (i.e. stability decreases), the core efficiency decreases. Sta-
bility is found to be maximised using a panel A layout with A = 0.525. The values of
A corresponding to maximum, median, and minimum stability are given in Table 7.2 for
panels A, B, and C.

Table 7.2: Tube design parameters corresponding to maximum, median, and minimum
stability under variation of .

Panel Designmax Designmed Designmin

A A—0525~0.6—3.0-4.0 A-0575—-06-3.0—-4.0 A—0.700-0.6-3.0-4.0
B B —-0.625—-0.6—3.0-4.0 B —-0525—-06-30-4.0 B —-0.700 - 0.6 — 3.0 4.0
C C—-0675-06-3.0-4.0 C ~0.600-06-30-4.0 C ~0.500—-06-3.0-4.0

Similar behaviour is observed for panel B. Stability and core efficiency improves up to
the optimal tube position with the corresponding value of A = 0.625. Beyond this point,
both measures decrease as larger plate deformations occur near the centre of the panel.
The loss of efficiency is clearly much less severe than in the panel A case. It is interesting
to examine the quantitative measures presented in Table 7.4, particularly the relationship
between core efficiency and the crush distances of the individual tubes in the panel. At
small values of A, the crush distance of the outermost tube is somewhat larger than in
the centre tube. As A increases to the optimal value, the crush distance ratio approaches
unity. Beyond the A value corresponding to optimal core efficiency, the crush distance at
the centre tube exceeds that of the outer tube. This indicates that maximising the panel
efficiency requires nearly equal distribution of the energy absorbing responsibility to the

tubes composing the panel core.

Variation in A for panel C' shows a similar pattern to that of panel B. For small values
of A, the large stiffness near the central area of the panel results in large deformations
initiating at the edges of the top plate, before the onset of buckling in the core. As A
increases, top plate deformation decreases to higher rigidity at the outer edges of the top

plate. The optimal value of A, in terms of core efficiency and stability is found to occur



CHAPTER 7. DESIGN STUDLES L&a

Panel A

Panel C o

A =0.525 1=02ms A={Adh 202 ms A=DETS t=02ms

Designma,

k=053 1210w A=DE25 151 4ms h=0R?51=10m:

A=0T00 E=02ms A=0700.1=02ms A=05KE =02 ms

Design.,

A= LT b= 10w A=070 t=10ms A=058001=10ms

Fignre 7.43: Contour plots of the eguivalent peastie strain helds in the guarter syouelry
wedel of the panel Lop plates, at different time inerements, for optimal and sub-optinl
tnhie placements s defned o Table 7.2, The strain fields are plotted ou the gudelormed
shape of the top plate.

O agaiu imclieate that corn

at A = (L6753, Exanination of the cnish distances in Table 7
cuergy absorplion elliciency is maximised when each tube in the core has nearly el

crish distamee.
The paramctric study presented here allows for further ntnderstanding of the energy ali-
sarplion praperties of the proposed panels, bevord that of the experimental investigations

in chapler 5. Figs, 74a-c gives the partitioning of the dissipaced kinetie energy Lerween
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Figure 7.4: Partitionige of dissipated kinetic energy between the eore tnbes and the top
plate for {(a) Panel A (b)Y Pagel 4 and (¢} Panel €. In Figs. (a) - (¢) -~ core energy
absorplion - - - top plate enersy ahsorption - kinelle energy remaining to be dissipated.
{d) Plows of Zorce-time belavionr Jor the optinad tube positions for panels 4, B, and €,
Thes transition [rom phase T oo I is given in (a).

[t is clear from Figs. 7.da-c that the delormations, and hence the plastic energy dissipa-
tion belaviour in the top plate at the ewd of phase 1 significantly influences the overal
pane. perfirmance. Specificallv. if the top plale deformation excesds a certain threshold.
sytnmietTic progrissive tube crushing cannou initiale and overall pane] performance is re-
duced significantly, in lerms ol core euerpy dissipstion, To Jlustrute the offect of panel
stalility on the resulting core erusliog mode, axial depictionsg of the panels cores aller
dissipation of the blas load are shown in Fig. 7.5, It il clear from this fgure thal, panel A

designs ara most sensilive Lo lop plate interaction effects with the core tubes. For pagels
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Fisure 7.5 Axial view ol panel cores with A wvalues corresponding to the miminiurmm.
tieckipan, s maximum periormsaee for cach panel layout.

B and €. even the designs corresponding to flie most inetiicient tube placerments show
relatively little loss of stability while the tube in panel A undergo severe global {mode ]

burkling.
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Table 7.5: Individual tube response, in terms of the measures presented in section 4.6,
for panel C as a function of A\. For all designs, hy = 0.60 mm, R = 4.0, and h, = 3.0
mm. Mean forces are presented in terms of individual tubes and hence must be scaled to
obtain the total mean force for the panel.

Panel — A § (mm) F,, (kN) Eiotal Crush mode Ecore
tube 1 2 1 2 1 2 1 2
C—-0.500 2261 1745 9.79 10.14  0.120 0.128 Jy I 0.820
C—0525 2284 1788 987 10.43 0.127  0.133 Jy I 0.845
C —0.550 23.03 1843 9.95 1063 0.134 0.139 J,/K, I 0.867
C—-0575 23.05 19.00 10.03 10.76 0.140 0.145 Jy I 0.883
C—-0600 2296 19.61 1013 10.81 0.145 0.150 Ju/K, I 0.897
C—0.625 2277 2029 10.22 10.80 0.148 0.155 I/K, I 0.906
C—-0650 2249 21.14 1030 10.72 0.148 0.160 I I 0.912
C-0675 2226 2201 1027 1062 0.142 0.165 I I 0.914
C—-0700 2191 2276 10.28 10.55 0.142 0.170 1 I 0.913
C 0725 2123 23.84 10.33 1044 0.142 0.176 I I 0.911
C~-0.750 2070 25.19 10.17 10.37 0.142 0.185 I/Ky I 0.905
Panel — A d (mm) Fi (kN) iotal Crush mode Ecore -
tube 3 4 3 4 3 4 3 4
C —0.500 2066 20.75 9.73 9.53 0.145 0.143 Jy Jp 0.820
C—0.525 2093 20.98 9.97 9.77  0.150 0.147 Jy Jy 0.845
C—-0.550 21.19 21.20 10.11 9.99 0153 0.151 J,/K, Ju/K, 0.867
C—-0.575 2147 2139 10.20 10.18 0.156 0.155 Jp Jp 0.883

C-0.600 2167 2147 1030 10.33 0.159 0.158 J,/K, J,/K, 0.897
C—-0625 2182 21.54 10.39 1045 0.161 0.160 I/K, I/K, 0.906

C—-0.650 22.03 21.67 1043 10.53 0.163 0.162 I I 0.912
C—-0675 2224 2203 1041 1046 0.164 0.164 I I 0.914
C—-0.700 2233 2240 1040 1039 0.165 0.165 I I 0.913
C-—-0.725 2261 2264 1035 1041 0.166 0.168 I I - 0911

C—0.750 2327 2293 10.21 1032 0.169 0.169 I/K, I/K,  0.905
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7.2.2 Tube Geometry Effects

As described in section 7.1.3, two distinct parametric studies are conducted regarding
the influence of tube geometry on panel performance. Firstly, for each panel layout (A,
B, and C), and for each value of A given in Table 7.2, plus the extreme values of A
(0.450,0.700), the response of the panel is determined with varying tube thickness and
then with varying aspect ratio. A second parametric study is then conducted where the
tube thickness and aspect ratio are simultaneously varied, however the value of A is fixed

at the optimal value for each panel layout.

Response surfaces plots for core efficiency and panel stability under variation in tube
thickness and placement are given in Fig. 7.6. For all response surfaces presented in
this chapter, the surfaces are created using cubic spline interpolation in Matlab. To
supplement the response surfaces, numerical values of energy absorption and efficiency

parameters, as a function of tube thickness, for the optimal tube positions are given in
Table 7.6.

For panel A designs, core efficiency and panel stability is found to decrease with increas-
ing tube thickness for all tube placements. This is found to be particularly true for the
unstable positioning corresponding to A = 0.700. As the tube thickness increases, the
initiation of tube core buckling is delayed which allows for larger top plate deformation
during phase I of panel motion. For tube placements which are unstable at the mean
thickness hy = 0.6, the instability is found to be increased when increasing the tube
thickness. This is an important consideration in the design of the proposed panels as the-
oretical panel capacity is clearly maximised with thick tubes, however the global stability
of the panels may be jeopardised as a result. The influence of tube thickness on top plate
interaction effects was found to be more significant in the earlier parametric study given
in Theobald and Nurick [125]. In the aforementioned study however, the material model
used for the tubes corresponded to a steel with higher yield stress and larger strain-rate
sensitivity. The top plate used in the study was also slightly thinner (h, = 2.5 mm).
Contrary to this trend is the reduced core efficiency for very thin tubes with panel A,
even at the most stable tube placement. This is a result of tube core compaction neces-
sitating the top plate to deform within phase II of panel motion, to dissipate the kinetic

energy remaining in the panel at the time of compaction.

In panels B and C, core efficiency and panel stability are found to increase with décreasing
tube thickness. This decrease in core efficiency is found to be most significant for panel
C designs with A values corresponding to tube positions close to the centre of the panel.
The excessively large stiffness near the centre of the panel allows the free edges of the
top plate to undergo large deformations before the onset of buckling. Also of note is

that for all panel B and C designs, core efficiency is a strictly increasing function of tube
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For panel 4, B, and € designs, core eflicieuey is found to be nearly invariant with respoct
to changes in the tube aspect ralio B, Ay Lie asseet ratio inereases, the rcall ¢risning
foree 38 foundd to decrease, however Laoe Lotal eriush distance inereases resulting in nearly
tleuticnl core energy absorprion in all Lest cases. For stable tube layouts the stability
parnneter is sctualy found to slishtly increase with decreasing srhe aspect ratio in panel
A Ty nowever, appesrs to be simoly a cesult of the luereased initial node spacing at

the tnbe corners. This increase in stability with lucreasing aspecs ratio is sommewnat
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counterintuitive as under most impact applications, stability is reduced with increasing
slenderness. An explanation for this is a similar result to that of tube thickness. The
core becomes over-stiff through the thickness, increasing the duration of the first phase of
panel motion and reducing core efficiency. Therefore, although individual tubes are more
prone to global buckling with increased slenderness, when applied as part of a sandwich
core, the increased aspect ratio may have the opposite effect as top plate interaction
effects become more pronounced. It is observed however, that in panel A, core efficiency is
reduced significantly with increased slenderness at the unstable tube layout corresponding
to A = 0.700.

As is the case with tube thickness, peak and mean panel crushing forces are highly
sensitive to tube aspect ratio. This is despite the insensitivity of the core efficiency to
changes in aspect ratio. The increase in force levels with decreasing aspect ratio is given
in Table 7.7. The crush force efficiency is observed to increase with increasing aspect
ratio for all three panel layouts. This measure however, is sensitive to the scaling of the
trigger dimensions with tube aspect ratio as the peak buckling load with increase with
less slender tubes, however if the trigger size increases appropriately, the increase in force
can be controlled. Using the current trigger diameter of 0.25!/R, the ratio of peak to

mean crush force is not constant when varying the slenderness.

7.2.2.1 Simultaneous Variation in Tube Design Variables

Thus far, the analysis and discussion has primarily focused on tube geometry effects as
they relate to tube stability and efficiency, for optimal and poor tube positions. It is
of further interest to numerically investigate the proposed panels at the optimal tube
positions, while simultaneously varying the geometric tube parameters. This allows for
the determination of the ideal tube geometry, in terms of core efficiency, for panels with

tubes in optimal positions.

For each panel layout, the tube position is fixed at the A value corresponding to design
Design,,,x indicated in Table 7.2. For each of the tube thicknesses in Table 7.1, the tube
aspect ratio is varied according to the values given in Table 7.1. Contour plots of the

result for panels A, B, and C are given in Figs. 7.8a-c respectively.

For panel A designs, the response in tube designs space can be partitioned into three
approximate regions. The boundaries of these regions are indicated in Fig. 7.8a by
the dashed lines. The area between the dashed lines indicates tube dimensions which
result in a near plateau of highly efficient response. Tube dimensions resulting from a
combination of low wall thickness and large aspect ratio result in a core that is unable

to dissipate the energy introduced by the 50 Ns blast. This is indicated in Fig. 7.8a
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core compaction Tequives the top plale to dissipale Lhe kinetic energy remaining in the
panel at compaction. Performaee is lound to be maximised when the crush distance 15
very near the point of compaction. lu particulas, core cuergy absorption is found to peak
with tube geomet v parameters & = 3.0, A = (1.5 . Wih this tube geometry the core

efficiency is found to be S, = 0012,
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the poind whese top puaale defostaation in the top plate doring phase 1 of panrel motion
becormes signilicant. Allhough the ratic of core to top plate energy absorption is redneed

in Lhis region, the capacity of the panels is greatly inereased. This however mowst be
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balanced with the limitations on the allowable reaction force levels at the base of the

panel.

Panel B shows similar global behaviour to panel A, however the region in tube design
space resulting in core compaction is significantly reduced. Specifically, only for combi-
nations of the lowest tube thickness and largest aspect ratio are compaction effects on
the core efficiency observed. The plateau of nearly equal core absorption found in panel
A is not observed in panel B. The core efficiency is found to reduce significantly in panel
designs not near the compaction boundary. Similarly to panel A, the optimal panel B

tube geometry occurs at R = 3.0, hy = 0.5 mm with a core efficiency of 0.919.

Compaction does not occur for any tube geometry in panel C. As a result of this, core
efficiency is found to be a decreasing function of aspect ratio for any tube thickness. Core
energy absorption is again maximised at R = 3.0, hy = 0.5 mm with a core efficiency of
0.965. This indicates that core efficiency reaches its highest value using a panel C tube
layout. With the small aspect ratio (R = 3.0) the top plate is sufficiently constrained
during phase I of panel motion, resulting in very little plate deformation. The thin tube
wall thickness causes buckling to initiate early, allowing the progressive crushing of the

tubes to dominate the energy absorption process.

Table 7.6: Tube wall thickness effects on panel performance for the optimal values of A
in panels A, B, and C. For all designs, R = 4.0, and h, = 3.0 mm.

Panel - /\ - h\: 5m (mm> Fmax (kN> Fm (kN) fcrush §total écore

A —0.525 - 0.50 66.44 60.95 31.26 0.513 0.454 0.892
A —0.525 — 0.55 63.95 67.99 32.75 0.482 0.411 0.900
A —0.525 — 0.60 57.65 74.89 35.66 0.476 0.366 0.885
A —0.525 — 0.65 49.62 81.54 40.45 0.496 0.328 0.865
A —0.525 - 0.70 43.31 87.90 45.11 0.513 0.296 0.844
B —0.625 - 0.50 61.11 76.13 34.68 0.456 0.371 0.914
B —0.625 - 0.55 52.78 84.91 39.45 0.465 0.327 0.899
B —0.625-0.60  46.17 93.51 44.04 0.471 0.290 0.880
B —0.625 - 0.65 39.01 101.79 20.93 0.500 0.260 0.861
B —0.625 - 0.70 32.82 109.71 58.98 0.538 0.235 0.841
C —-0.675-10.50 32.48 137.15 65.79 0.480 0.208 0.936
C —0.675-0.55 26.07 153.04 80.77 0.528 0.183 0.926
C —-0.675—0.60 22.18 168.62 93.41 0.554 0.164 0.914
C —0.675—0.65 19.19 183.58 106.00 0.577 0.148 0.900

C —-0.675-0.70 16.48 197.84 121.00 0.612 0.134 0.885
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Table 7.7: Tube aspect ratio effects on panel performance for the optimal values of A in

panels A, B, and C. For all designs, hy = 0.6 mm, and h, = 3.0 mm.

Panel - >‘ - R (Sm (mm) Fmax (kN) Fm (kN) gcrush gtotal gcore

A —0.525 - 3.0 46.78 98.62 43.47 0.441 0.275 0.881
A—0.525-35 52.09 85.74 39.18 0.457 0.317 0.881
A—0.525 - 4.0 97.65 74.89 35.66 0.476 0.366 0.885
A—0.525—-4.5 59.94 66.05 34.58 0.524 0.418 0.891
A —0.525-5.0 61.34 59.20 33.78 0.571 0.467 0.889
A—0.525-5.5 62.60 54.00 33.17 0.614 0.513 0.889
A—0.525—-6.0 63.35 49.99 32.79 0.656 0.554 0.889
B —0.625-3.0 35.82 123.36 56.89 0.461 0.220 0.889
B —0.625 — 3.5 41.49 107.14 48.96 0.457 0.253 0.882
B —0.625—4.0 46.17 93.51 44.04 0.471 0.290 0.880
B —0.625 4.5 48.44 82.41 42.31 0.513 0.332 0.884
B —0.625-5.0 51.89 73.86 39.72 0.538 0.372 0.888
B —0.625 - 5.5 53.76 67.35 38.95 0.572 0.410 0.891
B —0.625 - 6.0 55.81 62.35 37.44 0.600 0.447 0.897
C —0.675-3.0 17.27 222.08 123.41 0.556 0.128 0.954
C —0.675-3.5 19.83 193.19 105.75 0.547 0.145 0.931
C —0.675—4.0 22.18 168.62 93.41 0.572 0.164 0.914
C —0.675—4.5 24.27 148.58 84.94 0.577 0.185 0.905
C —0.675—-5.0 25.96 133.14 79.37 0.596 0.206 0.901
C —0.675 — 5.5 28.09 121.39 73.55 0.606 0.227 0.900
C —0.675-6.0 29.92 112.35 69.22 0.616 0.246 0.900
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7.2.3 Top Plate Geometry Effects

A final geometric parameter investigation is performed into the influence of top plate
thickness on the buckling and energy absorption properties of each panel. The panels
with design parameters given in Table 7.2 are examined for the plate thicknesses given
in Table 7.1. The thickness of the top plate is an important design variable as it greatly
influences the mass of the panel as well as the total kinetic energy the panel needs to
absorb. Fig. 7.9 gives the response surfaces in terms of core efficiency and panel stability
as a function of X and h,, for each of the panel layouts. Table 7.8 gives numerical

parameters relating to energy absorption for stable tube placements.

For panel A tube layouts, core efficiency is found to improve with increasing top plate
thickness, for stable tube positions. This is an expected result as the thicker top plate will
not undergo significant deformation during the onset of buckling in the core tubes. For
unstable tube positions, the increase in core efficiency, and stability is found to be much
more significant. This is exemplified by examining the response at the various A values
with h, = 4.0 mm. For this top plate geometry, the difference between the maximum
and minimum core efficiencies is found to be only 5.9 %. Further to this, the difference
in maximum and minimum stability parameters is 3.5 %. This is a strong indication
that a thick top plate may reduce interaction effects with the core tubes and initiates a
symetric, progressive buckling modes, whereas a thinner top plate induces global, mode
J buckling for a given tube positioning. Conversely, thin top plates appear to enhance
instability in the tubes in designs with A values that result in instabilities at the nominal
top plate thickness of 3.0 mm. This can be seen by examining the steep drop in core
efficiency for thin top plates at values of A near 0.700. It is also worthy of note that the
crush force efficiency results in an opposing trend to the core efficiency as the increased
velocities resulting from the thinner top plate significantly increase the mean force levels
due to strain-rate effects, while having only a marginal effect on the peak crushing force

of the panels.

Panels B and C show similar trends to that of panel A. Slight increases in core efficiency
are observed with increasing top plate thickness, while panel designs which are found to
be unstable in section 7.2.1, are highly sensitive to top plate thickness. This is shown to
be particularly true in panel B, where significant reductions in core efficiency, coupled

with large increases in the stability parameter, are observed for A ~ 0.500 and A ~ 0.750.
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Table 7.8: Top plate thickness effects on panel performance for the optimal values of A
in panels A, B, and C. For all designs, R = 4, and h; = 0.6 mm.

Panel - ')‘ - hp 5m (mm) Fmax (kN) Frn (kN) é.crush gtotal €core

A—-0525-20 64.44 77.50 44.01 0.568 0.488 0.818
A—0.525-25 61.29 76.12 39.03 0.513 0.419 0.860
A—0.525 - 3.0 57.65 74.89 35.66 0.476 0.366 0.885
A —0.525 - 3.5 53.07 73.70 34.11 0.463 0.327 0.908
A—0.525-4.0 49.32 72.64 33.06 0.455 0.299 0.933
B —0.625-2.0 54.52 96.65 50.70 0.525 0.381 0.802
B —0.625 - 2.5 49.65 94.93 47.10 0.496 0.328 0.846
B —-0.625-3.0 46.17 93.51 44.04 0.471 0.290 0.880
B —0.625~3.5 42.53 92.16 42.68 0.463 0.263 0.915
B —0.625-4.0 39.16 90.91 41.68 0.458 0.239 0.938
C - 0.675—-2.0 26.65 173.74 100.92 0.581 0.206 0.798
C —0.675—-25 24.23 171.01 96.09 0.562 0.182 0.860
C —0.675-3.0 22.18 16%8.62 93.41 0.554 0.164 0.914
C—-0675-35 20.32 166.29 91.15 0.548 0.148 0.950

C—-0675—-4.0 18.78 163.74 87.88 0.537 0.134 0.965
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7.3 Non-Uniform Loading of Optimal Panels

Throughout this thesis, the significant assumption of uniform loading is assumed. Specif-
ically, that the applied pressure pulse is uniform over the top plate and constant with
time over the pulse duration fy. It is shown, that for the experimental investigations of
chapter 5, this assumption is reasonable, however the loading rig is designed specifically
to generate nearly uniform loads. The analysis of this chapter has focused on how the
response of the proposed panels changes when the variables defining the structure of the

panels is varied.

If the proposed panels are to be utilised in actual blast conditions, where the application
of pressure loading is not controlled, it is of interest to understand how variations in
loading uniformity influences panel response. The mathematical model for the the non-
uniform loading of the panels is presented in section 4.4.2. Under non-uniform loading,
the blast load is defined by the total impulse I, the radius of uniform pressure a, the
pulse duration ¢y, and the decay constant m. Once these parameters have been defined,

the peak pressure P is determined using Eq. 4.7.

For the analysis of this section, the impulse is fixed at I = 50 Ns. This is same impulse
used throughout the parametric study, and hence allows for an isolation of the effects of
non-uniformity as the total momentum transfer to the panels is same throughout. The
radius of uniform pressure is fixed at a = 40 mm. As with all numerical simulations in this
chapter, the pulse duration is ty = 10 us. The parameter which is allowed to vary is the
decay constant m. The values used in this study are m = 10, 20, 30,40. As the value of m
increases, the pressure P, within the radius of constant pressure increases. As the impulse
is identical for all values of m, this effectively shifts the pressure away from the top plate
boundaries, to the centre of the panel. Fig. 7.10 gives the resulting pressure distribution
for the m values investigated here. The pressure plot utilizes quarter-symmetry of the

top plate.

Panel layouts A, B, and C are studied under non-uniform loading. The A values used
correspond to the optimal values given in Table 7.2. The goal of the investigation is to
determine the degree to which efficiency and stability is reduced when increasing the non-
uniformity of the loading on panels which have stable cores under uniform loading. As it
is expected that the top plate thickness will have significant influence on the response to
non-uniform loading, a thin and a thick top plate of thickness h, = 2.0 mm and h, = 4.0
mm respectively are used in the analysis. Finite element analysis are conducted for each
layout (A, B, C), and for each top plate thickness, with loading decay parameters of
m = 10, 20, 30, 40.

Fig. 7.11a gives the resulting variations in core efficiency as a function of the decay
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Table 7.9: Individual tube response for the panels investigated under non-uniform loading.
Note that in the table, W refers refers to the external work done on the entire panel by
the non-uniform blast load.

Panel — A — hy —m 6 (mm) Fn (kN) Vo (m/s) Crush mode W (kJ)
tube 1 2 1 2 1 2 1 2
A—-0.525-20-10 5719 - 9.23 - 110.71 - 1/J. - 3.56
A—0525-20-20 54.32 - 9.73 - 111.35 - Ja - 3.81
A-0525-2.0-30 53.75 - 8.59 - 109.99 - Ja - 4.19
A—0.525 2040 5292 - 8.25 — 112.06 - Ja - 4.67
A-—0.525-40-10 49.22 - 8.40 - 65.93 - I - 1.79
A—-0525-4.0—-20 49.88 - 8.41 - 66.34 - 1/, - 1.92
A—-0.525-4.0-30 5207 — 8.07 - 65.71 — 1/]. - 211
A—-0525~-40-40 53.35 . 7.87 - 64.44 - Ja/Ky - 2.34
B -0625—-20—-10 4863 67.42 875 13.50 102.88 134.85 Ja I 3.54
B -0625-20-20 4844 68.64 7.25 14,57 93.44 158.75 Ja I 3.80
B -0625-20-30 4947 6838 6.35 1521 8331  182.25 Ja I 4.18
B -0625-20-40 4992 69.07 596 1660 77.87 204.68 Ja I 4.65
B -0625-40-10 3886 42.10 8.14 9.16 59.23 77.82 1/J. I 1.79
B -0625—-40-20 3838 4642 7.85 9.95 54.06 91.93 K,/J. I 1.92
B —-0625-40-30 36.09 5102 748 1092 4864 106.00 Ja I 2.11
B -0625-40-40 33.70 52.63 7.55 11.74 43.97 119.57 Ja I 2.34
C—-0675-20-10 24.27 33.07 1033 1246 9530 13494 J,/Ky 1 3.46
C-0675-20-20 2219 4084 931 1341 8213 158.84 Ja I 3.71
C-08675-20-30 2192 4961 800 1396 6942 182.38 Ja I 4.09
C-0675-20-40 2359 56.29 6.69 1518 57.62 204.89 Ja I 4.55
C-0.675-40-10 1857 2013 9.06 11.18 56.28 77.83 I I 1.76
C-0675-40-20 1728 23.15 8.59 12.07 4875 92.07 1/3, I 1.88
C—-0675-40-30 1409 2489 9.71 1320 4163 106.79 1/ I 2.07
C-0675-40-40 13.01 2722 9.65 14.00 3514 120.35 1/J. I 2.30
Panel — X —h, —m § (mum) Fn (kN) Vo (m/s) Crush mode W (k])
tube 3 4 3 4 3 4 3 4
C-0675-20-10 2884 2939 11.74 11.68 11892 11891 J./Ky, J./Kyp 3.46
C-0675-20-20 3235 3193 11.82 11.68 12639 12640 J./Kv Ja/Kys 3.71
C—-0675-2.0-30 3517 3541 1163 11.27 13194 13195 Ja Ja 4.09
C—-08675-2.0-40 3741 37.72 1132 10.85 135.67 135.66 Ja Ja 4.55
C—-0675-4.0-10 19.38 1931 10.14 1007 69.03 69.03 I I 1.76
C-0675-40-20 2051 20.07 1032 10.25 73.04 73.04 1/Ja 1/1, 1.88
C-0675-40-30 1999 2008 10.79 10.50 76.26 76.24 1/J. 1/da 2.07
C—-0675-4.0-40 2044 2069 11.05 1059 78.46 78.46 I/J, /3. 2.30

parameter m. Table 7.9 gives the individual tube responses for each of the panels inves-
tigated. In the table, Vi refers to the average peak velocity at the proximal end of each
tube, as measured at the tube corners. The expression W refers to the total external work
done on the entire panel by the blast load. Of particular interest in the data of Table 7.9
is the significant increase in initial velocity, crush distance, and mean force levels in tube

2 of panels B, and C, with increasing value of the decay constant m. This is a result of
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Figure 7.1 Plot of non-uniforin pressuee disgribntion corresponding to decay parameters
we= 10,20, 30,10 using the relation given i Eq. 4.7, For all pressure distribetions the
itpulse i Oxed at = 50 Xs, the radius of censtant pressure is @ = W) mmn aad the polse
duration 1= 5 = 10 ps. The varablesd ~and oy refer to the distance along the prinary
axis of the top plate while w referssto.the half width of the top plate as has the valne
W 7o)

increasing pressure at the panel centee, which increases the particle velocity of the tap
plate 1n the area adjivent to tube 20 This increnses the energy abeorption respousipility
of the tube. however strain-rate harding is also lncreased, therely increasing the capacity

of the tnle.

From Fiz. 7.11a, i is elear that when loading the panels with the 2.0 nun top plate, core
cuerey absorpion is found to be reduced significantly when inereasing the decay constant,
The rednetion in efficieney is most proncunced with panel A layonts with panel € showing
ouly A small rediaciCon n core efficiency, For uniform loading (wn = 01, all three panel
Layonts have nearly identical core efficiency however, due to the lack of Lthe central tube,
panel A shows a large reduetion in efficiency for even a stnall amount of non-eoiformivy
il the load, Then central supporta provided by the extra subes in panels £ and © results
i telatively small reduction in efficiency tor stall changes i the decay constant, This
s shown o be partienlarly crae for psnel € where only o negligiole redietion in efficiency

5 olmerved at m 10,
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Figure 7.11: (a) Plot of variation in core efficiency as a function of the the decay param-
eter m for optimal tube positions. (b) Plot of variation in the stability parameter as a
function of the the decay parameter m for optimal tube positions.

Numerical tests using the 4.0 mm top plate also show a substantial reduction in core
efficiency at large values of m, however the reductions are less than that observed using
the 2.0 mm plate. It is interesting to observe that panels A and B show nearly the same
core efficiency for all values of m. For m > 10 the core efficiency is actually marginally
higher in panel A than in panel B. This indicates that when using a thicker top plate, the
addition of the central tube has little effect on the resulting core efficiency when loading

the panels using a non-uniform pressure distribution.

The stability parameter is also analyzed as a function of the decay parameter m. It must
again be noted that the comparison of stability parameter between different panel layouts
does not provide any relevant information. Under uniform loading, large variations in
the stability parameter generally correspond to instabilities developing in the core cubes
which induce mode J and mode K buckling shapes. Under non-unform loading, it is
expected that, due to the pressure being concentrated at the panel centre, that core
efficiency and stability parameter will show a correspondence, however changes in the

buckling mode as per Fig. 4.9 will be different to that of uniform loading.

Fig. 7.11b gives the stability parameter as a function of m for the panels tested in this
study. Under uniform loading (m = 0), the value of & is close to zero in all test cases.
As expected, the value of &; is found to increase when increasing the decay parameter
m. For each panel layout, the stability parameter is significantly higher when loading
the panels with a 2.0 mm top plate indicating a much larger differential in the crush
distance at the tube corners within the panels. For higher decay constants As is the

case with uniform loading, increases in the stability parameter correspond to decreases
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Ficure 7.12: Axinl view of panel cores with 2.0 mm and 4.0 wm chick Lop plates subjeet
o non-nnitormn loading with decay paramcter m = 4.

core efficiency as ditfferentinl in crish distance of the core tube requires the top plare to

deforni, theretore rechaang the tolal cucrgy absorbed by the core tubes.

It is of interest to compare Lhe result ing core deformation modes with the szabilicy puramn-
eters presented u Fig. 7101 The axial view of the crushed tebes with m = 40 for the
o plate thicknesses examined o The parametric loading sty are given tu Fig, 7150 1L
is coear that for acl pandd layonrs with a 2.0 mm top plate, the large non-uniformity of 1he
load indices severe moede | buckling bebaviour in the nen-central tubes. Under vniform
londing panel €7 lavouls reselr in stable erushing patterns even for tibes in sib-optimal
positions however, under non-uniform loading, tibes 1. 3, and 4 wndergo sianifleant globat
bckine, The individual tehe responses presented in Vable 7.8 quantily (he effeer of the
clobal bending of the core tibes on energy absorprion. For numerica. tests which result
inn such buckling behaviour such as B — 0,625 - 2.0 40 and € — 0,675 — 2.0 — 40, tube
1 is [ound to have vory low mean force levels compared Lo tube 2, which st crush in
g syinetric mode due to model svmmetry. For tesl 4 0625 — 2.0 — 4l the increased

e on Llie tube 2 results in compaction of the tube wlile tube 2 sill has signilicant
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stroke remaining.

The buekling mode responge to nop-uniforn loading usiag the thick 4.0 i top plate =
scgmificantly different to that of the 2.0 mm top plate. Although cove efficiency is reduced,
aed Lhe stabilily parameler gianificantly increased for large valzes of m, the buckling mode
of the crushed tabes s foumd 1o be of 8 relatively stable mode. OF particular note, s
toste coses I — 0.625 — 4.0 — 40 and ¢ 0673 4.0 40 in Table 7.9, In these cases,
the erush distance of the central tebe Lo excecds Lhat of tbe 1 resulting in a large
valuy of the stability paramecer. From exandning Fig, 712, 1 5 clear Lhat despile thal
larze differenices in erush distance. the crush modes of the centre nnd mder fubes show
minimal global bending, The thicker top plate miniinises the bending applicd Lo hibe |
fand tubes 3 and 4 for panel ') resuldting @ prooressive buckling ol the Lubes, however
the initial velocitios of these tubws 5 muech less than for tube 2oesilting o lower erish
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Figrre 7,03 [nducence of tap and bollom plate conlact ou the total reaction force at the
paniel base for panel A —01.325 — 006 — 2.0 — 4 with m = 40.

A fnal consideration of non-uniform leading is of the ease where top plate dishing is
significant enoigh that the top and bottom plate come into coutact with oue another,
Ths is clearly an undesirahle mode of deformation as the impact of the top plate with
the hase plate wall increase force transfer to the protected struetare, possible loading the
shrietnre boverd safe levels. [t 1s shown in seetion 7.2.1 thar top plate impact is possible

[or nniform loading as well, it Lhe Lubes are positoned in o sub-optimal manmer.

A1 example of the effeet of top plate inpact with the holtem plate s given fa Fie, 7,13,
The panel 4 design 4 — 0525 — 1.6 — 2.0 — 4 iz suhiect to the 50 Ny with 1he decay
constart m = 4. The large dishing i the centre of the top plate ndoces severe mede

huexling in the corve tuhes as shown in Fig, 712, The resulting forec-time ewrve [or the
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the Labe 1s typical of sgnare lubular metnber urder global Trending and s incdicated in Fig.
7.3, The lotal panel reaction foree flue to the erushing of the tubes is given by 1he solid
line np wo she point where the dashed line begins and then by the dazbed line. Uhe toal
reaciion [orce, inelnding the impact of the top plare on the vigid bottom plate is ziven by
the solid line, It is clear that, under the siven loading scheme and panel geomelvy, the
top plile impacl increases force transfer to the protected structnre significantly bevond

Lhie peak Duckling load of the core tubes.



Chapter 8
Conclusions

Sandwich panels which use thin-walled square tubes as a core material are investigated
under blast loading. The response of the novel panel structure is determined using an-
alytical, experimental, and numerical techniques. The analysis presented in this thesis
primarily focuses on the global response and efficiency of the panels in terms of energy
absorption. The result of this is to determine the suitability of using the panels as a

protective structure under blast loading. This work has

e Characterised the tube materials at quasi-static and high strain-rates.

o Identified three baseline layouts of the tubes in the panel core and has developed
quantitative and qualitative measures to measure panel performance under blast

loading.
e Conducted experimental tests to validate a numerical model.

e Created simple analytical design formulae to model the response of the proposed
panels to blast loading. Further to this, analytical design formulae for similar panels
using aluminium foam are developed and used for comparison with the proposed

panels.

e Conducted a parametric study using ABAQUS/Explicit to determine the influence

of several design variables on the performance of the panels.

This chapter describes the primary conclusions of the work described above and gives

recommendations for future work involving the proposed panels.

209



210 CHAPTER 8. CONCLUSIONS

8.1 Material Characterisation of Tube Materials

A comprehensive material characterisation study is conducted on the tube materials.
Mild steel tubes, 6063-T6 aluminium alloy extrusions, and 4.0 mm hot rolled mild steel
are characterised at strain-rates as low as £ = 8.33 x10 s using a Zwick universal testing
machine and at strain-rates as high as ¢ = 3385 s™! using a Split Hopkinson Pressure Bar.
To remove work hardening and improve ductility, the mild steel tubes are annealed at
900 °C for 1 hour. for the tube materials, the yield stress is found be slightly higher
in the annealed mild steel tubes and the strain hardening is found to be significantly
higher. The ductility of the aluminium alloy is found to be much lower than for the
mild steel tubes. The top plate steel and annealed mild steel tubes are observed to be
highly strain-rate sensitive while the aluminium extrusions are found to be strain-rate

insensitive.

8.2 Panel Design and Performance Measurement

In order to reduce the complexity of the panel layout problem, three general layouts are
chosen. The three layouts have four, five and nine tubes within the panel respectively.
These layouts are found to be ideal in terms of the present investigation as they allow for
a large range of blast absorption capacities as well as inducting several different modes

of panel deformation.

In order to make quantitative comparisons between panels, simple formulae are devised,
in addition to the classical tube crushing performance measures such as crush force and
total efficiency. The primary measure is the core efficiency which is simply the ratio of
the energy absorbed in the core to the total external work done on the blast load. This
measure is found to correspond closely to the stability parameter which measures the
relative difference in the tube crush distances within the panel core. These measures are
found to sufficiently characterise the global response of the proposed panels under blast
loading.

Qualitative analysis of finite element results shows that the crushing modes of the core

tube can be classified into three primary modes:

1. Mode I: The tube buckles in a progressive, symmetric mode with little or no global

bending.

2. Mode J: The tube buckles primarily under global bending.
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3. Mode K: The tube buckles in a combination of axial crushing with global lateral

displacements away from the proximal end of the tube.

8.3 Experimental Investigations

8.3.1 Blast Loading Rig

To generate reasonably uniform blast loads on the proposed panels a new loading rig is
utilised for experimental tests. The loading rig is used in conjunction with a standard
ballistic pendulum used in blast experiments. The blast load is generated by detonating
a disc of PE4 explosive at the end of a square blast tube. The other end of the blast tube
is exposed only to the panel top plates allowing for increases explosive stand-off distance
while ensuring the ballistic pendulum is loaded only by the panels under test. Negligible

top plate deformation is observed indicating the blast is uniform to an acceptable level.

8.3.2 Experimental Results
8.3.2.1 Steel Tube Cores

Quasi-static tests conducted on the tubes used in the complete panels is conducted using a
Zwick universal testing machine. Peak and mean force levels are found to be higher in the
steel tubes than in the aluminium tubes. Reasonable correlation with numerical results
from ABAQUS/Explicit are obtained in terms of peak and mean force levels. Buckling

is observed to initiate at the hemispherical indentation trigger at the tube midpoint.

Under blast loading, panel crush distances are found to increase with increasing charge
mass and impulse. Further to this, the panels C layouts are observed to have significantly
higher impulse capacities than panel B designs. The steel tube core panels are found to
buckle in an irregular pattern for lower impulses which do not crush the tubes to the
point of compaction. The initiation of similar progressive symmetric buckling among
each of the tubes is found to be controlled by the trigger. The depth of the hemispherical
indentation is found to be insufficient to ensure that lobe formation is initiated at the
desired location along the tube length. Despite the irregular buckling patterns at small
impulses, the panels which crush to compaction show a symmetric lobe formation pattern
indicating that the panels may be able to "recover” from initial instabilities and use the
full stroke of all tubes to absorb the blast load.
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8.3.2.2 Aluminium Tube Cores

Just as with the steel tubes, quasi-static crushing of the aluminum tubes used in the
blast tests is conducted. Similar to the steel tube case, buckling is observed to initiate
at the trigger. Numerically simulations are found to under-estimate the mean load. It
is concluded that this is due to the filleted interior edges of the aluminium extrusions
strengthening the tubes, which is not accounted for in the numerical model. As the tubes
investigated here are of a smaller scale than those usually reported in the literature, this

difficulty is unique to the present problem and should be investigated in further studies.

Trends in the response of the aluminium core panels to changes in impulse and panel
layout are found to be similar to that of the steel tube panels. At identical charge mass,
the aluminium tube cores show much larger crush distances in both panel B and C
layouts. The trigger design is found to be ineffective in almost all tubes. Lobes are
formed near the proximal and distal ends of the tubes. Numerical analysis of the blast
tests indicate that the rate insensitivity of the material, combined with the high velocity
loading, contributes to the observed mode of buckling. In future implementations of
panels using the aluminium tubes, proper trigger design must be investigated to account

for the buckling behaviour found in the experimental tests.

8.3.2.3 Numerical Modelling of Experimental Blast Tests

Finite element models implemented in ABAQUS/Explicit are found to reasonably pre-
dict the crush distance of experimental tests. Numerical predictions are found to be
particularly accurate for panel C layouts using aluminium tube cores. The numerically
predicted buckling pattern is found to correspond poorly with experimental results. This
appears to be a result of the poor performance of the trigger in the experimental tests
however, and as such, should improve with improvements in the trigger design. It can be
concluded that the global response of the panels is predicted well, however modelling of

local deformation modes requires further improvement.

Numerical analysis of the energy absorption properties of the panels indicates that for the
panel geometries investigated experimentally, nearly all of the energy from the blast load
is dissipated by the core tubes. For the steel tubes panels, peak forces increase marginally
with increasing impulse due to strain-rate hardening. For both steel and aluminium tube
panels, mean crush forces also increase with increasing impulse. Increased energy absorp-
tion occurs during the initial compression phase of core buckling, with increased impulse,
for both the rate sensitive and rate insensitive materials. The indentation triggers appear
to control the critical buckling load of the panels, as the peak force levels are found to

be invariant to changes in top plate velocity for the rate insensitive aluminium.
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Adiabatic temperature effects due to large plastic deformations, have very little influence
on the response of the proposed panels. Exclusion of temperature effects from the material
model shortens the resulting crush distance marginally. Despite the limited effect of
thermal softening on the panel response, temperature should be included in the material

model for the panels to obtain maximum accuracy.

8.4 Analytical Panel Modelling

8.4.1 Analytical Predictions of the Influence of Design Param-

eters on Panel Response

Simple analytical design formulae are developed to predict the response of the proposed
panels to a uniform blast load. The model, which describes the transient response of
the panel top plate, is used to determine critical initial top plate velocities, and hence

impulses. Good correlation with experimental and numerical results are obtained.

It is found that unlike impact problems involving the crushing of thin-walled tubes, the
"impacting mass” which for the present problem is the top plate, cannot be assumed
to apply an instantaneous velocity to the tubes within the panel core. The velocity
of the top plate is found to increase gradually as the blast load is applied and obtains
the peak velocity at the end of the blast event. Simple theory of elastic and plastic wave
propagation are used to show that the impulse transfer during the application of the blast
is not negligible and accounting for this allows for relatively accurate approximations of
the peak top plate velocity and hence the energy absorption requirements of the folding

process in the core tubes.

The simple analytical model confirms the experimental results in that impulse capacity is
significantly increased when increasing the number of tubes in the panel. Increased flow
stress and strain-rate hardening in the steel tubes also results in significantly increased
blast absorbing capacity. Panel impulse capacity for both tube materials is maximised
when using thick top plate with thick tubes. The specific impulse capacity however,
defined as the impulse capacity per unit of panel mass is maximised when using thick tubes
with a thin top plate. Specific impulse capacities are found to increase with increasing
number of tubes in the panel and are noticeably higher in panels using steel tube cores.
The aspect ratio of the tubes is found to have minimal influence on the capacity of the
panels however it is noted that under actual blast scenarios, a large aspect ratio may lead

to significant reduction in panel stability which is not captured in the analytical model.
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8.4.2 Foam Core Panel Response to Blast Loading

A simple analytical model is developed to obtain the transient response of the panel top
plate, however using an aluminium foam core. The panel thickness is fixed at the same
value as that of the tube core panels. The foam properties examined are typical of those

reported in the literature.

The impulse capacity of the foam core panels is observed by highly dependent on the foam
density. At higher foam densities, the plateau stress of the material increases significantly
while reducing the densification strain, and hence the allowable crush distance before
compaction. Impulse capacity is maximised at the highest foam density and thickest top
plate however specific impulse capacity is found to be maximised at the highest density

foam with the thinnest top plate.

8.4.3 Comparison of Tube and Foam Core Panels

For the range of tube and foam design variables examined in this thesis, the panels with
the highest blast absorption capacities are obtained from foam core panels with high
foam density and a thick top plate. Due to the significant mass of such panels however,
the maximum specific impulse capacity is nearly identical for the tube and foam core
panels. For low density foam cores however, the impulse capacity and particularly the
specific impulse capacity is found to be much lower than low capacity panel C, tube core
panels. This is an important consideration in mass critical applications. The density of
foam which is available, may result in a panel with much lower specific impulse capacity
than what can be obtained using a tube based panel, thereby increasing the mass of the

protective structure beyond the optimal level.

A comparison of the space efficiency of the panels is also conducted as possible use a
protective vehicle structure requires that the total panel thickness be kept to a minimum.
For steel tube, panel C designs, nearly all panel geometries result in a thinner panel
than that of a low density (200kg/m3) foam core panel, using the thickest top plate,
with the same impulse capacity as the corresponding tube based panel. The mass of
the resulting panels are significantly larger than that of the tube based panel. When
comparing aluminium tube panels, most panels designs result in a low density foam
core panel that is thinner than the tube core panel with the same impulse capacity.
The resulting foam core panels are of larger mass however than the aluminium tube core
panels with the same impulse capacity. Using a high density (400 kg/m?®) foam core panel,
for all tube based panel designs, the foam core panel with the same impulse capacity is
significantly thinner than the tube core panel. Further to this, only steel tube panels

with very thin tubes result in a lower mass panel.
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A final comparison between the two cladding structures is made by determining the foam
panel design parameters which require a larger thickness/mass panel in order to have
the same capacity as the largest capacity tube core panel. It is found that there exists

combinations of foam density and top plate thickness which, for each tube material,

e Requires a panel of larger thickness and mass than the highest capacity tube core

panel.

e Requires a panel of smaller thickness but has a larger mass than the highest capacity

tube core panel.

e Requires a panel of larger thickness but has a smaller mass than the highest capacity

tube core panel.

e Requires a panel of smaller thickness and mass than the highest capacity tube core

panel.

It is however observed that the crush force levels are generally much higher with the higher
density foam in comparison to panel C tube based cores. The allowable force levels will
depend on the particular application. This must be balanced with the impulse absorbing
requirements. It can therefore be concluded that the performance of the proposed panels
when compared to foam core panels depends strongly on the foam density. High density
foams, combined with the appropriate top plate, can generally absorb a given impulse
using a thinner and lighter panel than what can be constructed with a tube core panel.
Further experimental and numerical investigation must be conducted on foam core panels
however, to determine the validity of such a structure as a protective cladding under blast

loads.
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8.5 Numerical Modelling of Panel Response

A numerical parametric study is conducted in ABAQUS/Explicit for the purpose of
determining the influence of tube and top plate geometry on the efficiency and stability
of the panels. A large range of steel tube panel geometries are investigated under a
common impulse and the results are compared. The conclusions draw from the study are

briefly described here.

8.5.1 Tube Layout

The stability and energy absorption properties of the proposed panels are strongly influ-
enced by positioning of the tubes within the panel. For each panel layout A, B, and C
an optimal radial distance from the panel centre is found where energy absorption in the
core tubes is maximised and crush distances of each core tube is nearly identical. For
tube placements which are far from optimal, large top plate interaction effects induce
global bending modes in the core tubes, reducing the energy absorption capacity of the
panel core. Panel A layouts are found to be particularly sensitive to sub-optimal tube
placements and hence are not recommended for use in actual blast scenarios. Table 8.1

summarises the results of the parametric study on tube layout.

Table 8.1: Panel performance measures for the optimal values of A, in terms of core
stability, in panels A, B, and C, obtained from the parametric study on tube layout. For
all designs, R = 4, hy = 0.6 mm, and h, = 3.0 mm.

Panel — A 5m (mm) Enax (kN) En (kN) €crush étotal écore

A —0.525 57.65 74.89 35.66 0.476 0.366 0.885
B —0.625 46.17 93.51 44.04 0.471 0.290 0.880
C - 0.675 22.18 168.62 93.41 0.554 0.164 0.914

8.5.2 Tube Geometry Effects on Panel Performance

As is observed analytically, the aspect ratio of the tubes has minimal effect on panel
response. Small aspect ratios appear to increase stability in panel C layouts however,
due to increases support of the top plate prior to core buckling. Tube thickness is found
to have significant influence on panel response. Small changes in tube thickness results
in large changes in crush distance. For stable tube placements, large tube thicknesses
are found to slightly decrease core efficiency due to delayed buckling in the core tubes

allowing larger initial displacements in the top plate. For unstable tube layouts, large
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tube thicknesses are found to decrease panel stability. Core efficiency is found be max-
imised with tube thicknesses resulting crush distances near the point of compaction. This
implies that to maximise the energy absorption in the core, the tube thickness should be
chosen based on the maximum expected blast load. This is impractical however as any
underestimation of the expected loading will result in compaction, which will significantly
increase force transfer to the protected structure. Table 8.2 summarises the optimal panel

designs obtained from simultaneous variation in tube core geometric properties.

Table 8.2: Performance measures for the highest performing panels, in terms of core effi-
ciency in panels A, B, and C, under simultaneous variation in tube geometric parameters.
For all designs, A, = 3.0 mm.

Panel — X\ — h't - R 6m (mm) Fmax (kN) Fm (kN) gcrush Etotal gcore

A—-0525-05-30 6284 79.03 33.61 0.425 0.356 0.912
B—-0625-05-30 50.92 98.78 41.60 0.421 0.286 0.919
C—-0675-05-3.0 2350 177.81 92.55 0.521  0.163  0.965

8.5.3 Top Plate Geometry Effects on Panel Performance

The numerical investigations clearly indicate a significant increase in panel performance
with increasing top plate thickness. Thick top plates are found to minimise top plate
interaction effects which induce global buckling modes in the panel core. The initial
kinetic energy in the panels decreases with increasing top plate thickness, significantly
increasing the impulse capacity of the panels. The top plate constitutes a significant
portion of the total panel mass however, and as such the performance benefits gained
from maximising the top plate thickness must be coupled with the the mass efficiency
requirements of the application. Table 8.3 summarises the optimal panel designs obtained

from the parametric study on top plate thickness.

Table 8.3: Performance measures for the highest performing panels, in terms of core
efficiency in panels A, B, and C, under under variation in top plate thickness. For all
designs, hy = 0.6 mm and R = 4.0.

Panel - )\ - hp 6m (mm) Fmax (kN) Fm (kN> Scrush gtotal Ecore

A—-0.525-4.0 49.32 72.64 33.06 0.455 0.299 0.933
B —-0.625-4.0 39.16 90.91 41.68 0.458 0.239 0.938
C—0.675—-4.0 18.78 163.74 87.88 0.537 0.134 0.965
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8.5.4 Panel Response to Non-Uniform Loading

The influence of load non-uniformity is investigated numerically. For all panel layouts,
thin top plates induce instabilities in the panel core, even for small non-uniformities in
the pressure loading. Panel A layouts are found to be most sensitive to loading non-
uniformity. Using a thick top plate is found to mimimise the reduction in stability
and efliciency when loading the proposed panels under non-uniform blast loading. This
further emphasises the importance of using a sufficiently thick top plate under actual

blast conditions.

8.6 Recommendations for Future Work

The work presented in this thesis presents the groundwork for the use of the thin-walled
tubes as sandwich material in the construction on protective panels under blast loads.
Significant work remains in the study of the proposed panels in order to understand
and improve performance under blast loading. The following recommendations are made

regarding future work on the proposed panels:

1. The variation in panel designs used in experimental tests should be greatly in-
creased. This includes variation in tube thickness and aspect ratio and also in
the thickness of the top plate. The experiments presented in this thesis are not
extensive enough to ascertain complete experimental trends and are primarily for
validation of finite element models. Experimental tests on different panel geome-
tries will provide further insight into panel behaviour and possibly allow for further

improvements on existing analytical and numerical models.

2. Larger scale tests should be conducted which utilise several of the proposed panels
subjected to a much larger charge mass. The current study focuses on a small
structure which may compose a single cell of a complete protective cladding. If
the proposed panel design is to be incorporated into actual protective cladding, it
would be of interest to study the behaviour of the proposed structure configured
in a cellular layout. From this, it can be determined if interaction effects from the
individual panels have an effect on the energy absorbing properties of the complete
structure. It will also be of interest to determine how the panels reépond to the

non-uniform blast loading associated with such an application.

3. The ballistic pendulum should be modified to include a Hopkinson bar setup which
can be used to record the reaction forces at the panel base. Although a difficult

problem, the use of Hopkinson bars to record the force history at the base of the
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tubes would provide valuable information into how the proposed panels transfer
impulse to the protected structure. The reaction force history would also provide

a further means of validating the numerical models.

4. Further investigation should be conducted into a proper trigger mechanism to en-
sure similar buckling characteristics among the core tubes. It is shown in the present
work that the initiation of buckling at the indentation trigger has significant influ-
ence on resulting crush mode of the panel core. Further studies using indentation
triggers of differing radii and depth as well as different trigger mechanisms could

improve the performance of the proposed panels.

5. The response of the panels to localised loading should be investigated experimen-
tally. The current study focuses primarily on uniform loading with some numerical
studies using non-uniform blast loads. It is of interest to determine experimentally,
the response of the panels to localised blast loads to determine if role of the panel as
an energy absorbing device is compromised when loaded primarily near the panel

centre.

6. Numerical investigation using the hydrocode AUTODYN should be conducted on
the loading rig used here to ensure uniformity of the specific impulse applied to the
panel top plate. The experimental testing rig developed for this study appears to
generate reasonably uniform blast loads based on the resulting structural response.
It would be beneficial for future studies to be able to simulate the pressure history
over the face of the panels. Such and exercise may allow for optimisation of the
blast tube to generate the desired loading. In addition, the numerically predicted
pressure loading can be used to parameterise the pulse shape used in the numerical

model of the panels themselves.

7. Mathematical optimization, using analytical results and possibly the Response Sur-
face Methodology, should be conducted to find the optimal panel response subject
to constraints on the design variables and on peak force levels. In the present study,
a parametric study is conducted to determine how the geometric design variables
influence panel response. A true optimal panel cannot be obtained from such a
methodology as all design variables are not varied independently. Further to this,
in practice, the optimal configuration would depend heavily on mass and peak force

constraints which must be incorporated into a complete optimisation study.
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